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ABSTRACT 


The  report  documents  work  carried  out  over  the  period  31  July  1996  to  31  December 
1997  on  a  Multi-University  Research  Initiative  (MURI)  program  under  Office  of  Naval 
Research  (ONR)  sponsorship.  The  program  couples  transducer  materials  research  in  the 
Materials  Research  Laboratory  (MRL),  design  and  testing  studies  in  the  Applied  Research 
Laboratory  (ARL)  and  vibration  and  flow  noise  control  in  the  Center  for  Acoustics  and 
Vibration  (CAV)  at  Penn  State. 

The  overarching  project  objective  is  the  development  of  acoustic  transduction 
materials  and  devices  of  direct  relevance  to  Navy  needs  and  with  application  in  commercial 
products.  The  initial  focus  of  studies  is  upon  high  performance  sensors  and  high  authority 
high  strain  actuators.  This  objective  also  carries  the  need  for  new  materials,  new  device 
designs,  improved  drive  and  control  strategies  and  a  continuing  emphasis  upon  reliability 
under  a  wide  range  of  operating  conditions. 

In  Material  Studies,  undoubtedly  major  breakthroughs  have  occurred  in  the  ultra- 
high  strain  relaxor  ferroelectric  systems.  Earlier  reports  of  unusual  piezoelectric  activity  in 
single  crystal  perovskite  relaxors  have  been  amply  confirmed  in  the  lead  zinc  niobate  :  lead 
titanate,  and  lead  magnesium  niobate  :  lead  titanate  systems  for  compositions  of 
rhombohedral  symmetry  close  to  the  Morphotropic  Phase  Boundary  (MPB)  in  these  solid 
solutions.  Analysis  of  the  unique  properties  of  001  field  poled  rhombohedral  ferroelectric 
crystals  suggests  new  intrinsic  mechanisms  for  high  strain  and  carries  the  first  hints  of  how  to 
move  from  lead  based  compositions.  A  major  discovery  of  comparable  importance  is  a  new 
mode  of  processing  to  convert  PVDF:TrFE  copolymer  piezoelectric  into  a  relaxor 
ferroelectric  in  which  electrostrictive  strains  of  4%  have  been  demonstrated  at  high  fields. 
Both  single  crystal  and  polymer  relaxors  appear  to  offer  energy  densities  almost  order  of 
magnitude  larger  than  in  earlier  polycrystal  ceramic  actuators. 

Transducer  Studies  have  continued  to  exploit  the  excellent  sensitivity  and  remarkable 
versatility  of  the  cymbal  type  flextensional  element.  Initial  studies  of  a  small  cymbal  arrays 
show  excellent  promise  in  both  send  and  receive  modes,  and  larger  arrays  are  now  under 
construction  for  tests  at  ARL.  New  studies  in  constrained  layer  vibration  damping  and  in  flow 
noise  reduction  are  yielding  exciting  new  results. 

In  Actuator  Studies,  an  important  advance  in  piezoelectric  generated  noise  control 
now  permits  wider  use  of  acoustic  emission  as  a  reliability  diagnostic  technique.  Joint  studies 
with  NRL,  Washington  have  developed  a  completely  new  d15  driven  torsional  actuator  and  the 
CAV  program  element  has  designed  an  exciting  high  strain  high  force  inchworm. 

Finite  element  analysis  continues  to  be  an  important  tool  for  understanding  the  more 
complex  composite  structures  and  their  beam  forming  capability  in  water.  Thin  and  Thick 
Thin  Film  Studies  are  gearing  up  to  provide  the  material  base  for  micro-tonpilz  arrays.  New 
exploitation  of  ultra  sensitive  strain  and  permittivity  measurements  is  providing  the  first 
reliable  data  of  electrostriction  in  simple  solids,  and  suggesting  new  modes  for  separating  the 
polarizability  contributors  in  dielectrics  and  electrostrictors. 
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Abstract  -  Spherically  focused  transducers  were  prepared 
from  miniature  thin-wall  lead  zirconate  titanate  hollow 
spheres  (BBs).  The  spheres  were  prepared  from  slurries  of  soft 
PZT  powders  using  a  coaxial  nozzle  process,  and  had 
diameters  ranging  from  1  to  6  mm  and  wall  thickness  from  12 
to  150  ^rru  Two  main  vibrations  modes,  namely  radial  and 
thickness  modes,  were  obtained  around  1  MHz  and  30-40 
MHz.  respectively.  Focused  transducers  were  prepared  by 
machining  sections  of  the  hollow  spheres.  The  transducers 
were  characterized  in  pulse  echo  mode  and  by  using  finite 
element  analysis  (FEA).  The  results  obtained  from 
experiments  were  confirmed  by  FEA.  The  transducers  were 
found  to  have  a  center  frequency  of  -  48  MHz  with  a 
bandwidth  of  22  %  and  a  minimum  insertion  loss  of- 44  dB. 


INTRODUCTION 

In  clinical  applications  of  ultrasonic  transducers,  higher 
axial  and  lateral  resolution  requires  operation  frequencies 
greater  than  20  MHz.  In  recent  years  transducers  operating  in 
this  range  have  been  prepared  from  polymers  [1]  as  well  as 
from  ceramics  [2],  Polymer  based  transducers  have  good 
beam  properties,  broad  bandwidth,  and  can  be  fabricated 
easily  into  various  shapes,  but  they  are  also  associated  with 
high  losses  and  low  electromechanical  coupling  coefficients. 
Therefore,  ceramic  transducers  with  their  high  coupling 
coefficients  and  low  losses  lead  to  improved  image  qualities. 
However,  obtaining  a  focused  beam  from  these  transducers 
suggests  a  spherical  shape,  and  machining  a  focused 
transducer  (wall  thickness  <100  pm)  using  conventional 
techniques  is  not  feasible. 

Lockwood  et  al.  [3]  developed  a  bending  technique  to 
obtain  a  spherical  shape  from  very  thin  ceramic  plates.  In  this 
technique,  a  ceramic  plate  is  bonded  to  a  malleable  material, 
an  epoxy.  This  layered  composite  structure  is  shaped  into  a 
shallow  spherical  shell  by  gently  pressing  it  with  a  ball 
bearing  at  653C.  While  this  approach  works  fairly  well  for 
high  /-number  traasducers  with  very  high  frequencies,  it  is 
difficult  to  apply  for  transducers  that  operate  below  40  MHz, 
where  ceramic  thickness  hinders  the  bending  process.  Also 
Zipparo  et  al.  [4]  repotted  a  decrease  in  electromechanical 
coupling,  dielectric  constant,  mechanical  compliance,  and  an 
increase  in  mechanical  Josses  of  the  ceramic,  along  with 
microcracks,  resulting  from  this  bending  process. 


In  this  paper,  preliminary  results  of  our  study  on  the 
fabrication  of  focused  spherical  transducers  from  miniature 
piezoelectric  hollow  spheres  (BBs)  are  reported.  Hollow 
sphere  traasducers  can  be  readily  made  with  center 
frequencies  of  20MHz  and  above.  It  is  also  possible  to 
fabricate  traasducers  with  /-numbers  down  to  1.  The 
fabrication  of  green  hollow  spheres,  and  construction  of 
focused  transducers  from  those,  are  described.  Results 
obtained  from  impedance  and  pulse-echo  measurements  are 
compared  with  results  of  the  finite  element  analysis. 


FABRICATION  OF  THE  TRANSDUCERS 
Processing  of  the  hollow  spheres 

Millimeter  size  thin-wail  piezoelectric  hollow  spheres  are 
produced  using  a  coaxial  nozzle  slurry  process.  The  process 
was  originally  developed  by  Torobin  [5]  to  mass  produce 
ceramic  and  metallic  hollow  spheres.  Fabrication  of  green 
hollow  spheres  includes  preparation  of  a  slurry  of  fine-grained 
PZT-5  powder  (grade  C5500,  Channel  Industries,  Inc.)  along 
with  PMMA  (poly  methyl-methacrylate)  and  acetone.  This 
slurry  is  then  injected  through  a  coaxial  nozzle  with  air 
passing  through  the  center  tube.  The  slurry  forms  a  hollow 
cylindrical  form  as  it  leaves  the  nozzle.  The  bottom  of  the 
cylinder  later  closes  with  surface  tension,  and  air  pressure 
creates  a  bubble.  At  a  certain  inner  pressure  the  bubble  breaks 
free  from  the  rest  of  the  slurry  closing  the  upper  end  and 
forming  a  hollow  sphere.  This  process  has  been  shown  to  be  a 
flexible  technique  for  the  fabrication  of  hollow  spheres  of 
different  ceramic  compositions  with  fairly  uniform  diameters 
from  I  to  6  mm,  and  wall  thickness  from  12  to  150  Jim.  The 
green  piezoelectric  hollow  spheres  used  in  this  study  are 
produced  in  the  Georgia  Institute  of  Technology  with 
diameters  from  3-4  mm  and  thickness  from  40- 100  pm. 

These  green  spheres  are  then  fired  at  550°C  for  30  minutes 
for  binder  burnout,  and  sintered  at  1285°C  for  90  minutes. 
Although  Fielding  et  al.  [6]  reported  microcracks,  porosity 
and  larger  than  expected  wall  thickness  variations  for  PZT 
hollow  spheres,  improvements  in  the  fabrication  process  are 
being  undertaken  to  minimize  these  defects  as  well  as  wall 
thickness  non-uniformity. 


Construction  of  the  focused  BB  transducers 

Following  the  sintering  step  spheres  are  then  encased  in 
Crystal  Bond™  and  ground  down  to  a  spherical  shell, 
followed  by  sputter  coating  of  both  surfaces  with  gold 
electrodes.  Radial  poling  of  the  samples  is  performed  in  a 
silicone  oil  bath  at  120°C  by  applying  an  electric  field  of 
80  kV/cm.  After  poling  a  conductive  backing  of  highlv 
aitenuative  silver  loaded  epoxy  (Ablebond  16-1  LV,  Ablestik 
Lab..  Rancho  Dominguez.  CA)  is  centrifuged  onto  the  convex 
surface.  A  high  speed  lathe  is  used  to  turn  the  rear  surface  of 
the  element  back  to  prevent  contact  with  the  ground  electrode 
and  a  true  circle  is  formed.  The  self-focused  elements  are  then 
mounted  in  a  SMA  connector  for  testing  using  Lockwood’s 
method  [3].  A  schematic  drawing  of  the  finished  transducer  is 
shown  in  figure  I. 


shctl  diameter  (0) 
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Figure  I.  Cross-section  of  a  spherically  focused  BB  trasducer 

TRANSDUCER  CHARACTERIZATION 

Transducer  characteristics  and  the  performance  of  the 
machined  and  poled  ceramics  are  evaluated  by  dielectric 
measurements  using  an  HP  Multifrequency  LCR  meter  at 
1.0  volt  and  1.0  kHz,  and  by  impedance  measurements  using  a 
HP  Impedance-Gain  Phase  Analyzer  up  to  100  MHz. 

Transducers  are  also  tested  in  water  bath  by  reflecting  off 
a  smooth  metal  target  placed  at  the  transducer’s  focal  point. 
Excitation  was  achieved  using  a  Panametrics  model  5900  PR 
computer  controlled  pulser  receiver.  Due  to  the  thin  composite 
structure.  6  dB  of  attenuation  is  included  in  the  line  before  the 
transducer  to  protea  against  breakdown  of  the  transducer 
element.  The  reflected  waveform  is  received  at  50  ohms  and 
digitized  on  a  500  MHz  Lecroy  oscilloscope.  A  limiter  / 
expander  setup  similar  to  that  used  by  Zipparo  et  al.  [4]  is 
used  to  account  for  the  transmission  line  effects  seen  in  the 
coaxial  cable  at  these  elevated  frequencies.  The  waveform  is 
then  downloaded  to  a  PC  via  GPIB  for  later  processing. 
Bandwidth  and  insertion  loss  measurements  are  made  from 
frequency  domain  data  calculated  from  the  downloaded  time 
domain  data  using  the  MathCad  software  package. 

Evaluation  of  the  transducer  performance  is  also  done  with 
finite  element  analysis  computations  using  the  ATILA  code. 
The  ATILA  was  developed  by  the  Acoustics  Department  at 
the  Institut  Superiur  d’Eiectnonique  du  Nord  (ISEN)  for 
modeling  of  transducers.  A  static  analysis  can  be  performed 
with  ATILA.  which  provides  information  concerning 


prepresses  and  the  behavior  under  hydrostatic  pressure. 
MoJjI  analysis  can  be  carried  out  to  identify  the  vibration 
modes  and  determine  their  resonance  frequencies  and 
associated  coupling  factors  Finally,  in-air  or  in-water 
impedance  and  displacement  field,  transmit  voltage  response, 
and  sonar  directivity  patterns  can  be  modeled  using  a 
harmonic  analysis  procedure  [7].  The  ATILA  code  proved  to 
be  very  effective  in  the  modeling  of  full  hollow  sphere 
transducers  in  a  previous  study  [8],  In  this  study,  it  is  used  to 
identify  the  modes  of  vibration  and  their  frequencies,  to 
determine  the  effect  of  backing  layer  thickness  on  these 
vibrations,  and  evaluation  of  the  acoustic  pressure  field 
created  by  a  focused  transducer. 


RESULTS  AND  DISCUSSION 
Modes  of  vibration  of  focused  transducers 

Results  of  the  finite  element  analysis  of  the  in-air  focused 
transducers  suggest  two  main  modes  of  vibration  for  the  radial 
poling  configuration:  (I)  a  radial  mode  around  1  MHz 
utilizing  the  d,,  coefficient  where  the  spherical  shell  vibrates 
similar  to  a  disk,  and  (2)  a  wall  thickness  mode  around 
30  MHz  utilizing  the  d, ,  coefficient.  The  dimensions  and 
materials  properties  used  in  these  computation  are  as  follows: 
a  shell  diameter  (O)  of  1.69  mm  which  was  machined  from  a 
full  sphere  with  1.75  mm  radius  (r)  and  with  a  wall  thickness 
of  65  (lm..  S,,E  =  16.4x10 m7N.  S,,E  =  -5.74X10'11  mTN. 
p  =  7.75  g/cm  .  Finite  element  analysis  results  suggest  that 
harmonics  of  the  radial  vibration  mode  and  several  radial 
modes  coupled  to  the  thickness  mode  vibration  are  also 
expected  from  a  shell.  Normally,  the  frequency  range  of  these 
vibrations  can  be  shifted  to  higher  or  lower  frequencies  by 
changing  the  sphere  size,  shell  diameter  or  wall  thickness  of 
the  spheres.  An  experimentally  obtained  impedance-frequency 
spectrum  is  shown  in  figure  2.  From  the  measurements  the 
thickness  mode  electromechanical  coupling  coefficient, 
k=  0.51  is  calculated.  A  similar  response  is  observed  in  both 
the  FEA  and  measurements,  but  with  different  resonance 
frequencies.  This  is  due  to  the  fact  that  FEA  analysis  assumes 
a  transducer  with  certain  uniform  dimensions,  but  dimensions 
vary  from  sample  to  sample  accompanied  with  non-uniformity 
in  their  wall  thickness. 

FEA  analysis  of  a  focused  BB  after  backing  it  with 
conductive  epoxy  indicates  that  backing  damps  the  spurious 
harmonics  and  coupled  modes,  and  causes  a  shift  in  thickness 
mode  resonance  frequency  towards  lower  frequencies.  The 
results  of  the  analysis  are  given  in  table  1  along  with  the 
measured  frequencies  obtained  from  the  figure  2. 

Transducer  characteristics 

Transducer  characteristics  are  measured  in  a  water  bath 
using  the  set-up  explained  in  the  ‘Transducer 
Characterization”  section.  The  transducer  was  excited  with  a 
16  V  monocycle  pulse,  and  the  pulse  echo  response  was 
obtained  by  recording  the  reflection  from  a  smooth  metal 
target  placed  at  the  transducer's  focal  point.  The  focal  distance 


Figure  2.  Impedance  spectrum  of  a  focused  spherical  BB  transducer 


Table  1.  Resonance  frequencies  of  main  vibration  modes 


Backing 

Radial  Modes  (MHz) 

Thickness  Mode  (MHz) 

thickness 

(mm) 

FEA 

Exp. 

FEA 

Exp. 

1.148 

1,595 

0.0 

2.816 

3,490 

4,436 

5,385 

29,850 

39,525 

1.22 

_ 

28,200 

2.22 

- 

- 

.27,000 

3.22 

- 

- 

26,700 

was  set  by  adjusting  the  transducer-reflector  separation  until  a 
maximum  amplitude  of  returned  signal  is  obtained.  The  pulse 
echo  response  of  the  transducer  is  given  in  figure  3. 
Bandwidth  and  insertion  loss  of  the  transducer  is  calculated 
from  frequency  domain  data  using  MathCad  from  the 
measured  time  domain  data.  The  results  of  these  calculations 
are  plotted  in  figure  4.  The  pulse  is  centered  at  47.7  MHz 
with  a  6  dB  bandwidth  of  22%.  A  minimum  insertion  loss  of 
-  44  dB  was  obtained  from  the  samples.  At  this  preliminary 
stage,  the  bandwidth  of  the  focused  BBs  is  low  and  insertion 
loss  is  high  compared  to  commercially  available  transducers. 
However,  improvements  are  possible  through  decreasing  size 
of  the  shells  and  designing  proper  backing  and  quarter  wave 
matching  layers.  According  to  Zipparo  et  al.  [4]  single 
element  high  frequency  transducers  made  from  PZT  materials 
with  areas  larger  than  1  mm’  can  have  an  electrical  impedance 
substantially  lower  than  50  Cl  which  is  that  of  the  operation 
electronics.  This  results  in  higher  insertion  losses  and  longer 
pulse  length.  This  problem  can  be  alleviated  by  either  using  a 
piezoelectric  material  with  a  lower  dielectric  constant  such  as 
lead  titanate  (PbTiOt)  or  by  decreasing  the  area  of  the 
element,  both  of  which' result  in  decreasing  the  capacitance 
and  thereby  increasing  the  impedance. 


Figure  3.  Pulse  echo  response  of  the  focused  transducer 


Figure  4.  Pulse  spectrum  and  insertion  loss  of  the 
transducer.  The  center  frequency  is  calculated  to 
be  47.7  MHz  with  a  6  dB  bandwidth  of  22.  A 
minimum  insertion  loss  of  -  44  dB  is  obtained. 


Normalized  Received  Voltage  (dB) 


As  a  pan  of  evaluation  of  the  design,  the  acoustic  pressure 
field  created  by  the  focused  BB  is  computed  as  a  function  of 
distance  in  two  dimensions  (x  and  y)  at  different  instants  in  an 
interval  of  0  -  3  ys  using  ATILA.  The  finite  element  mesh 
used  for  this  computation  Ls  shown  in  figure  5.  The 
computation  of  variation  of  acoustic  pressure  at  point  A  on  the 
transducer  surface  as  a  function  of  time  indicates  that  the  first 
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Figure  5.  The  finite  element  mesh  used  in  the  computation  of 
the  in-water  performance  of  focused  transducers 


Figure  6.  Acoustic  pressure  created  by  the  focused 
traasducer  represented  in  3-D  at  different  instants 


maximum  appears  at  2.32  x  10  seconds  Taking  the  velocity 
of  sound  in  water  to  be  1489  m/s.  this  first  peak  corresponds 
to  a  focal  distance  of  1.727  mm.  The  plots  of  the  acoustic 
prewire  in  three  dimensions  at  different  instants  given  in 
figure  6  clearly  show  the  focusing  action. 

SUMMARY  AND  CONCLUSIONS 

High  frequency  biomedical  applications  require 
transducers  with  high  seasitivity.  broad  bandwidth  and  a 
focused  ultrasound  beam  for  increased  resolution.  In  this 
paper,  preliminary  results  from  the  characterization  of  a 
focused  ceramic  traasducer  operating  in  high  frequencies  (> 
20  MHz)  fabricated  from  piezoelectric  hollow  spheres  are 
discussed.  Hollow  spheres  have  an  inherent  focus,  and  the 
process  used  in  fabricating  them  allows  for  the  dimensions  of 
the  spheres  to  be  tailored  to  specific  requirements.  Hence,  the 
resonance  frequencies  of  the  available  vibration  modes  can 
also  be  tailored.  Initial  results  do  not  present  an  improvement 
over  polvmer  based  traasducers  in  terms  of  bandwidth  and 
insertion  loss.  However,  the  results  do  warrant  further  studies 
of  spherically  focused  transducers  from  hollow  spheres  in 
order  to  improve  their  .characteristics,  with  a  view  to 
ultimately  applying  them  in  medicai  ultrasound  applications. 
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Abstract  •  Miniature  piezoelectric  transducers  were  prepared  from  millimeter 
size  hollow  spheres  which  have  been  formed  from  PZT-5A  powder  slurries 
using  a  coaxial  nozzle  process.  After  sintering,  the  spheres  were  poled  in 
two  ways:  radially  and  tangentially.  Principal  modes  of  vibration  were 
found  to  be  a  breathing  mode  near  700  kHz  and  a  thickness  mode  near  13 
MHz  for  the  radially  poled  spheres,  and  an  ellipsoidal,  a  circumferential,  and 
a  breathing  mode  near  230  kHz,  350  kHz,  and  700  kHz,  respectively  for 
tangentially  poled  spheres.  Coupled  modes  were  also  observed  at  higher 
frequencies.  These  same  modes  with  similar  frequencies  were  obtained  from 
finite  element  analysis  using  the  ATILA  FEM  code,  and  experimental  results 
were  shown  to  be  consistent  with  the  modeling  study.  Hydrostatic  dh 
coefficients  ranged  between  700  -  1,800  pC/N  which  is  considerably  higher 
than  the  d^  of  bulk  PZT.  The  hydrophone  figure  of  merits  (dh*gh)  were 
calculated  to  be  between  68,000  *  325,000  *  10"^  ro^/N  for  various  types 
of  poled  spheres.  These  values  are  three  orders  of  magnitude  higher  than  the 
bulk  PZT  figure  of  merit.  Potential  applications  include  ultrasonic  imaging, 
non-destructive  testing,  and  hydrophones. 
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I.  INTRODUCTION 

Lead  zirconate  titanate  (PZT)  based  ceramics  have  been  the  leading  piezoelectric 
materials  for  electromechanical  transducers  for  the  last  40  years  [I],  However,  for  both 
underwater  hydrophones  and  biomedical  ultrasound  applications,  bulk  PZT  is  a  poor  material 
for  several  reasons.  The  hydrostatic  piezoelectric  charge  coefficient,  dh  (=d33+2d3i)  of  PZT 
is  very  low  due  to  the  opposing  signs  of  d33  and  d3j.  The  hydrostatic  piezoelectric  voltage 
coefficient,  gh  (=d'n/£r*E0)  is  also  low  because  of  the  high  dielectric  constant.  £r,  of  PZT. 
In  addition  to  those  drawbacks,  the  acoustic  impedance  matching  of  PZT  with  water  and  the 
human  body  (density  =  1 .0  g/cm3)  is  poor  due  to  the  high  density  (7.75  g/cm3)  of  bulk  PZT. 

Since  the  1980’s  attempts  have  been  made  to  overcome  those  problems  by  coupline  the 
ceramic  material  with  polymers  [2,3]  and  metals  [4,5],  and  introducing  hollow  spaces  into 
the  transducer  structure.  These  studies  succeeded  in  improving  the  hydrostatic  piezoelectric 
properties  by  decreasing  the  density  of  the  transducer,  and  by  amplifying  the  sensing  and 
actuating  characteristics  of  the  ceramic  by  redesigning  the  transducer. 

In  developing  new  transducers,  the  biological  world  has  often  been  used  as  the 

inspiration  for  innovative  ideas  and  new  designs.  Sharks,  fish  and  the  other  inhabitants  of  the 

underwater  world  -  the  way  they  talk  and  listen  -  can  be  imitated  in  piezoelectric  transducer 

designs.  The  piezoelectric  hollow  sphere  transducers  described  in  this  paper  and  elsewhere 

[6]  are  modeled  after  the  inner  ear  of  a  fish.  The  inner  ear  is  made  up  of  inertia-sensing 

chambers  resembling  accelerometers.  Within  each  chamber  is  a  dense  ear  stone  (otolith) 

which  vibrates  in  a  near  field  sound  wave.  The  inertia  of  the  ear  stone  causes  it  to  lag  behind 

the  motion  of  the  fish,  and  to  push  against  the  hair  cells  lining  the  chamber  (sacculus).  On 

bending,  the  hair  cell  membranes  deform,  stimulating  neural  transmissions  to  the  brain. 

Connections  to  swim  bladder  of  the  fish  further  improve  the  sensitivity  to  far-field  sound.  [7] 

* 

Directional  characteristics  are  important  in  designing  a  transducer  for  underwater  and 
biomedical  applications.  Several  novel  transducers  based  on  a  spherical  design  have  been 
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introduced  by  researchers  in  order  to  exploit  symmetry  to  achieve  omnidirectional  transmit 
and  receive  responses.  In  the  area  of  underwater  acoustics,  these  designs  include  hollow 
ceramic  spheres  with  various  electrode  and  poling  patterns  [8-11],  spherical  arrays  of  small, 
planar  hydrophones  [12],  magnetostrictive  diaphragms  with  spherical  forms  [13],  and  fiber 
optic  windings  wrapped  around  a  resilient  ball  to  form  a  spherical,  omnidirectional  acoustic 
sensor  [14].  A  similar  trend  towards  spherically  shaped  transducers  is  also  evident  in  high 
frequency  biomedical  ultrasonic  transducers.  Recently,  a  quasi-omnidirectional  polymer 
based  transducer  was  developed  by  Vilkomersan  et  al.[15]  for  ultrasonic  guidance  of 
catheters.  Another  study  on  focused  transducers  for  biomedical  ultrasonic  imaging  proposed 
a  spherical  ceramic  shell  structure  with  an  inherent  focal  length  as  a  solution. [1 6] .  In 
addition  to  omnidirectionality,  smaller  sizes  are  necessary  in  some  applications.  For  example, 
smaller  transducers  can  be  used  to  achieve  improved  resolution  and  higher  power  densities  in 
intravascular  image  catheters  in  biomedical  ultrasound.  Smaller  transducers  can  also  be  used 
in  embedded  sensors  for  nondestructive  evaluation,  or  in  flow  noise  studies  of  complex 
surface  structures  in  underwater  ultrasound.  In  comparison  with  other  spherical  transducers, 
the  millimeter  size,  thin  wall  piezoelectric  hollow  sphere  transducers  (BBs)  are  much  smaller 
in  size,  and  possess  a  higher  radius  to  thickness  ratio  (r/t).  BBs  are  omnidirectional  and  have 
a  low  density  (-1.3  g/cmJ  ),  both  of  which  are  inherent  to  the  unique  structure  and  design  of 
the  transducer.  As  discussed  in  the  proceeding  section,  they  are  produced  by  a  simple, 
inexpensive  process  in  large  numbers,  which  makes  it  possible  to  mass  produce  throw-away 
transducers. 

In  this  paper,  several  poling  and  electroding  configurations  for  the  hollow  sphere 
transducers  are  introduced.  Results  of  the  dielectric  and  hydrostatic  piezoelectric  charge 
coefficient  measurements  are  presented.  Vibration  modes  and  their  resonance  frequencies  are 
identified  by  the  ATILA  finite  element  analysis  code  and  the  results  of  the  modeling  study 
arc  compared  with  the  experimentally  obtained  admittance  spectra. 
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II  fabrication  of  pzt  hollow  sphere  transducers 

Green  PZT  spheres  are  prepared  using  a  fabrication  technique,  which  was  developed 
by  Torobin  [17]  to  produce  large  numbers  of  ceramic  and  metallic  hollow  spheres.  A  fine¬ 
grained  slurry  of  PZT-501A  (Ultrasonic  Powders.  Inc.)  is  prepared  and  injected  through  a 
coaxial  nozzle  with  air  passing  through  the  center  tube.  The  slurry  exits  the  nozzle  in  a 
hollow  cylindrical  form,  but  the  bottom  later  closes  because  of  surface  tension  and 
hydrostatic  pressure.  The  closed  cylinder  is  inflated  into  a  bubble  by  the  inner  air  pressure 
until  the  pressure  equals  that  of  the  cylinder.  At  this  critical  pressure  the  bubble  closes,  and 
the  sphere  breaks  free.  The  Torobin  process  has  been  shown  to  be  a  flexible  fabrication 
technique  for  hollow  spheres  of  various  compositions  [18.19],  It  also  allows  us  to  tailor  the 
size  (1  to  6  mm  in  diameter)  and  the  wall  thickness  (12  to  150  pmi  of  the  spheres  by 
changing  the  viscosity  and  air  jet  velocity. 

The  green  PZT  spheres  are  fired  at  550°C  for  30  minutes  for  binder  bumout,  followed 
by  sintering  at  1285°C  for  90  minutes.  Sintering  is  performed  in  a  closed  alumina  crucible  in 
a  bed  of  PZT  powder  to  minimize  lead  loss  from  the  spheres.  A  physical  characterization 
study  by  Fielding  et.al.  [20]  concluded  that  spheres  with  a  sintered  diameter  of  -  2.76  mm 
and  a  mean  wall  thickness  of  80  fim  contain  microcracks  and  substantial  porosity.  The  results 
reported  in  this  paper  are  obtained  from  the  same  batch  of  spheres.  Density  measurements 
using  the  Archimedes  method  gave  an  average  bulk  sphere  wall  density  of  -7.2  g/cm3. 
Although  this  value  is  close  to  the  theoretical  density  of  PZT  ceramics  (-7.75  g/cm3),  the 
measurement  technique  is  not  very  sensitive  to  open  pores  and  microcracks,  such  as  those 
reported  by  Fielding  et  al.  [20].  The  wall  thickness  variation  was  also  found  to  be  larger  than 
expected,  ranging  from  40  to  100  urn.  Improvements  in  the  fabrication  process  are  being 
undertaken  to  minimize  these  defects  and  wall  thickness  variations,  since  they  degrade  the 
dielectric  and  electromechanical  properties  and  disturb  the  vibration  modes  of  the  transducer. 
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Two  poling  configurations  have  been  studied:  radial  poling  with  inside  and  outside 
electrodes,  and  top-to-bottom  poling  with  two  external  cap  electrodes,  (see  Fig.l).  For  top- 
to-bottom  poling,  three  symmetric  electrode  configurations,  with  electrode  gap  dimensions 
(d)  of  d  =  0.79  mm  (Type-1),  d  =  1.38  mm  (Type-2)  and  d  =  1.71  mm  (Type-3)  were 
investigated.  The  effect  of  increasing  the  poled  regions  on  the  capacitance,  vibration  modes 
and  hydrostatic  sensitivity  of  the  transducer  was  examined. 

For  radial  poling  Conductive  Silver  200  (Demetron  GmbH)  was  used  as  the  inner 
electrode  after  drilling  an  electrode  hole  with  a  diameter  of  about  450  pm  prior  to  the  binder 
burnout  step.  Silver  electrical  lead  wires  were  attached  and  the  electrode  hole  was  sealed 
using  E-solder  #  3021  (Insulating  Materials.  Inc.)  silver  epoxy  adhesive.  A  thin  layer  of  gold 
was  deposited  as  the  external  electrode  for  both  the  radial  and  top-to-bottom  configurations. 
Poling  was  carried  out  with  an  electric  field  of  20  kV/cm  at  120°C  in  a  silicone  oil  bath.  Prior 
to  the  hydrostatic  measurements,  a  soft  polyurethane  (Dexter  Hysol  us-0089)  coating,  with 
an  average  thickness  of  less  than  50pm,  was  applied  for  insulation  and  to  provide  extra 
strength  under  hydrostatic  pressure.  The  dielectric  and  piezoelectric  measurements  reported 
here  were  performed  on  spheres  with  no  protective  coating,  and  the  hydrostatic  piezoelectric 
measurements  were  performed  on  spheres  with  the  coating. 

Three  samples  for  each  electrode  configuration  were  prepared  and  evaluated  in  order  to 
assess  the  reproducibility  of  the  results.  The  results  reported  in  this  paper  are  average  values, 
and  fall  within  a  ±  15  %  range. 


III.  "ATILA"  FINITE  ELEMENT  CODE 

ATILA  is  a  finite  element  code  developed  by  the  Acoustics  Department  at  ISEN  for 
the  modeling  of  sonar  transducers.  It  can  provide  information  concerning  prestresses,  and  the 
behavior  under  hydrostatic  pressure  (static  analysis),  together  with  the  resonant  frequencies 


BB  Transducers  -  S.AIkoy  et  aJ.  6 


of  various  modes  and  the  associated  coupling  factors  (modal  analysis),  the  in-air  or  in-water 
impedance  and  displacement  field,  the  Transmitting  Voltage  Response  and  the  directivity 
patterns  (harmonic  analysis).  [21-23] 

In  our  study,  ATILA  was  used  to  identify  the  modes  of  vibration  and  to  determine  the 
resonance  and  antiresonance  frequencies  of  these  modes  for  different  electrode 
configurations.  The  frequency  step  used  in  the  finite  elements  computation  was  10kHz  in  all 
cases,  except  for  the  thickness  mode  of  radially  poled  spheres.  In  the  computation  of  the 
thickness  mode,  the  frequency  step  was  100  kHz,  since  the  frequency  range  under 
investigation  was  in  the  MHz.  The  resultant  calculated  admittance  vs.  frequency  spectra  are 
compared  with  the  experimental  measurements  obtained  usine  an  HP  4194-A 
Impedance/Gain  Phase  Analyzer.  The  polyurethane  coating  was  not  taken  into  consideration 
in  the  modeling  study,  since  the  dielectric  and  piezoelectric  measurements  reported  here  were 
performed  on  spheres  with  no  protective  coating.  The  mass  of  the  electrode  was  assumed  to 
be  negligible. 


IV.  RESULTS  .AND  DISCUSSION 


A .  Dielectric  Characterization 


Dielectric  properties  of  the  transducers  were  measured  using  a  HP  4275-A  Multi¬ 
frequency  LCR  Meter  at  1.0  kHz  and  1.0  Volt.  For  radially  poled  spheres  the  capacitance 
was  2.900  pF  and  the  dielectric  loss  was  0.020.  The  relative  dielectric  constant  (£r)  of  about 
1,000  was  calculated  from  the  capacitance  using  the  following  equation  for  a  spherical 
capacitor  [6] : 


c=4*e^fe) 


(1) 
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Compared  to  the  relative  dielectric  constant  of  UPI  501 A  ceramics  (£,=1,850),  this  lower 
than  expected  dielectric  constant  can  be  attributed  to  wall  thickness  variations,  incomplete 
inner  electrode,  and  the  defects  observed  in  the  sphere  wall  [20].  In  the  case  of  top-to- 
bottom  poled  spheres,  capacitance  values  ranging  from  3  to  7  pF  is  measured,  (see  Table  1). 
Those  values  are  also  low  compared  with  the  calculated  values  of  9  to  1 1  pF  computed  using 
a  cylindrical  tube  approximation  [6] : 


C  —  Sr£  ~~ 

d 


(2) 


As  expected,  the  capacitance  of  top-to-bottom  poled  spheres  is  highly  dependent  on  the 
electrode  size  and  uniformity. 


B.  Modes  of  vibration  of  radially  poled  Transducers .* 


Finite  Element  Analysis  (FEA)  of  a  radially  poled  hollow  sphere  suggests  two  principal 
modes  of  vibration  as  shown  in  the  calculated  admittance  spectra  (Fig.2a).  The  first  mode  is  a 
volumetric  expansion  and  contraction  of  the  sphere,  the  so-called  breathing  mode  utilizing 
d3j  .  The  resonance  and  antiresonance  frequencies  of  this  mode  are  calculated  as  620  kHz 


and  780  kHz,  respectively.  Materials  properties  used  in  these  calculations  are  as  follows: 
sijE =16.4*10*12  mZ/N,  s12E  =-5.74*  10*12  m2/N,  p=7.75  g/cm3.  Using  the  relation  [24] 


*5-1-1 

fi 


(3) 


the  planar  coupling  factor  (kp)  is  calculated  as  0.61  from  the  FEA  results.  The  second 
vibration  mode  is  identified  as  the  wall  thickness  mode  of  the  sphere,  and  the  predicted 
frequencies  are  fr  =  21.5  MHz  and  fa  =  24.0  MHz. 
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In  comparison  to  the  FEA  results,  the-experimental  admittance  spectra  obtained  from  a 
radially  poled  sphere  transducer  with  a  -  450  Jim  diameter  electrode  hole,  and  with  an  inner 
radius  irj)  =  1.30  mm.  outer  radius  (r0)  =  1.38  mm.  and  an  average  wall  thickness  (t)  =80 
Jim  is  shown  in  Fig.2b.  The  experimental  measurements  agree  well  with  the  FEA  results. 
For  the  breathing  mode  the  resonance  and  antiresonance  frequencies  are  633  kHz  and  686 
kHz.  respectively.  Since  the  breathing  mode  frequency  is  mainly  controlled  by  the  diameter 
of  the  sphere  [6],  the  close  agreement  between  the  calculated  and  measured  values  indicates  a 
fairly  uniform  diameter  for  the  spheres.  The  planar  coupling  factor  is  calculated  as  0.38  from 
these  measurements.  The  difference  between  the  calculated  and  observed  values  of  kp  is 
attributed  to  the  electroding  problems  of  the  inner  sphere  surface.  However,  the  resonance 
and  amiresonance  frequencies  of  13.4  MHz  and  13.8  MHz,  respectively,  for  the  thickness 
mode  vibration  -  which  is  determined  from  the  sample  given  in  Fig.2b  -  is  quite  different 
from  the  values  suggested  by  FEA.  The  thickness  mode  itself  has  only  been  detected  in  a  few 
of  the  samples,  and  the  samples  which  possess  a  detectable  thickness  mode  reveal  this 
response  as  a  smooth,  broad  peak  in  the  admittance  spectra.  This  discrepancy  between  the 
calculated  and  observed  values  is  due  to  the  large  variations  in  wall  thickness,  as  reported 
previously  [20]. 

C .  Modes  of  vibration  of  top-to-bottom  poled  transducers 

A  static  analysis  of  the  top-to-bottom  poling  configuration  using  ATILA  to  determine 
the  polarization  direction  gives  the  electrical  potential  isocontours  shown  in  Fig.3.  The  results 
of  the  analysis  indicate  that  only  the  unelectroded  region  between  the  electrode  caps  is 
tangentially  poled,  and  the  regions  under  the  electrodes  are  unpoled  and  therefore  inactive. 
The  electrode  gap  is  expected  to  control  the  dielectric  and  acoustic  properties  of  the 
transducer.  Three  types  of  top-to-bottom  poled  spheres  with  increasing  electrode  gap 
dimensions  were  studied.  The  principal  mode  of  vibration  under  investigation  for  top-to- 
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bottom  pohng  connguration  is  the  ellipsoidal  distortion  of  the  sphere.  However,  FEA  results 
indicate  the  presence  of  two  other  modes  as  well:  a  higher  order  circumferential  mode  and  a 
breathing  mode,  together  with  higher  frequency  coupled  modes.  The  admittance  spectra 
obtained  from  FEA  for  a  sphere  with  type-3  electrode  configuration,  i.e.  with  the  largest 
electrode  gap,  is  compared  with  the  experimentally  obtained  spectra  in  Fig.4.  Each  major 

peak  in  the  spectra  was  studied  by  FEA  and  the  displacement  fields  of  these  vibrations  are 
shown  in  Fig.5. 

The  calculated  and  experimental  resonance  and  antiresonance  frequencies  of  all  three 
types  of  transducers  are  listed  in  Table  2  .  It  is  clear  from  these  values  that  there  is  a  close 
match  between  the  modeling  and  the  measurements  for  the  three  main  vibration  modes. 
However,  in  the  case  of  the  coupled  vibration  modes,  the  measured  frequencies  differ 
significantly  from  the  values  calculated  by  FEA.  This  is  attributed  to  the  non-uniform  wall 
thickness  of  the  spheres,  since  these  vibrations  result  from  coupling  between  the  ellipsoidal 
and  thickness  modes,  or  between  the  circumferential  and  thickness  modes. 

Another  result  obtained  from  the  experiments  and  confirmed  by  the  FEA  is  the 
introduction  of  new  higher  order  circumferential-thickness  coupled  modes  created  by 
decreasing  the  electrode  separation  (see  Table  2). 

D.  Effect  of  Polymer  Coating 

Prior  to  the  hydrostatic  measurements  the  spheres  were  dip-coated  with  polyurethane. 
Admittance  spectra  of  a  radially  poled  sphere  recorded  before  and  after  the  polymer  coating 
are  shown  in  Fig.6.  It  is  found  that  the  polymer  coating  has  a  clamping  effect  on  the  spheres, 
causing  a  decrease  in  the  peak  amplitude  of  the  breathing  mode,  and  a  smoothing  of  the 
spectrum.  A  similar  effect  is  observed  for  the  top-to-bottom  poled  spheres  leading  to  a  slight 
shift  of  the  ellipsoidal  and  breathing  modes  to  lower  frequencies.  This  shift  is  about  10  kHz 
for  the  ellipsoidal  mode,  and  20-40  kHz  for  the  breathing  mode. 
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E.  Hydrostatic  sensitivity  measurements 

As  part  of  the  transducer  characterization,  hydrostatic  measurements  were  carried  out 
on  poled  and  coated  hollow  spheres  for  possible  application  as  underwater  hydrophones. 
The  hydrostatic  piezoelectric  charge  coefficient  (dh)  was  measured  in  an  oil  bath  at 
hydrostatic  pressures  from  100  to  1,000  psi  with  a  30  Hz  stimulus.  A  PZT  disc  was  used  to 

calibrate  the  measurements.  The  dh  results  are  plotted  in  Fig.7a  as  a  function  of  hydrostatic 
pressure. 

The  hydrostatic  piezoelectric  voltage  coefficient  (gh),  and  hydrophone  figure  of  merit  of 
the  spheres  are  defined  and  calculated  from  the  measured  dh  values: 


figure  of  merit  -  dh*gh  (5) 

The  results  are  plotted  in  Fig.7b  for  the  hydrophone  figure  of  ment  vs.  hydrostatic  pressure. 
The  measured  and  calculated  values  for  both  dh  and  figure  of  merit  are  presented  in  Table  1. 
From  these  plots,  the  dh  values  of  the  BBs  are  found  to  be  one  to  two  orders  of  magnitude 
higher  than  the  dh  of  bulk  PZT,  with  the  radially  poled  BBs  displaying  the  highest  dh  of  all. 
Similarly  the  hydrophone  figure  of  merit  is  three  orders  of  magnitude  higher  than  that  of  bulk 
PZT.  Finally,  evaluation  of  the  results  indicates  that  increasing  the  electrode  separation  for 
top-to-bottom  poled  spheres  results  in  an  increase  in  the  hydrostatic  sensitivity. 

The  amplification  of  the  dh  and  figure  of  merit  results  from  the  geometry  of  the 
spherical  BBs.  A  simplified  explanation  can  be  derived  using  Timoshenko’s  [25]  argument 
for  the  transformation  of  an  applied  hydrostatic  pressure  on  a  spherical  shell  into  a  radial 
stress  (CTr)  and  two  tangential  stresses  (G-t).  This  is  schematically  shown  in  figure-8.  These 
stresses  can  be  calculated  using  the  following  relations 
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G  _  Porlirl  -  rf)  Pirfjrj  -  r3) 

r3(rf  -  r3)  r3(rf  -  r3)  (6) 

G  =Mo^rl±jjl  2£±QlL zj°1 

2r3(rf  -  r3)  2 r3(rf  -  r3)  (7) 

where  P0  is  the  outer  hydrostatic  pressure,  P;  is  the  inner  hydrostatic  pressure,  and  r  is  the 
radius  at  which  the  stress  is  evaluated.  For  a  thin-walled  shell  with  the  wall  thickness 
( t  =  r0  -  rt ),  assuming  Pj  =  0,  the  above  equations  are  simplified  to  give  average  stresses  of: 

(Jx  =  -  8.89  *  P0  *  -  0.50  *  P0  *  (r/t)  (8) 

=  ■  0.50  *  P0  (9) 

The  ratio  (r/t)  is  the  stress  amplification  factor  which  makes  hollow  spheres  important  as  a 
sensor.  From  the  known  relation  between  polarization  (P)  and  stress  (CT) 

P  3=  d3i  *  Ci  +  d32  *  C2  +  d33  »  C3  =  -  P0  *  dh  (10) 

Using  the  stress  configuration  in  figure-8,  and  combining  equation  (10)  with  equations  (8) 
and  (9),  we  obtain  the  following  relations : 

radial  poling  dh  =  0.5  *  d33  +  17.8  *  d3i  (11) 

top-to-bottom  poling  dh  =  8.89  *  d33  +  9.39  *  d3i  (12) 


From  equation  (1 1)  a  dh  of  about  2,600  pC/N  is  calculated  for  radial  poling  assuming  that 
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90  %  of  the  sphere  surface  is  electroded  and  poled  effectively.  This  is  somewhat  larger  than 
the  average  measured  value  dh  of  1800  pC/N.  The  difference  is  attributed  to  the  defects  in  the 
sphere  wall  and  the  imperfect  inner  electrode.  For  top-to-bottom  poling  the  model  holds 
better,  and  equation  (12)  gives  dh  values  ranging  from  550  pC/N  to  1,190  pC/N  for  poled 
regions  of  28.6  %  for  type-1  to  62  %  for  tvpe-3.  Experimental  dh  values  of  743  pC/N  to  870 
pC/N  were  recorded. 

Comparison  of  the  BBs  with  the  commercially  available  hollow  sphere  transducers  for 
underwater  hydrophones  indicates  that  the  BBs  have  an  advantage  in  size,  stress 
amplification  factor  (r/t)  and  cost .  Currently,  in  the  market  the  smallest  sphere  available  has 
a  radius  of  -2.8  mm  and  a  wall  thickness  of  ~800um.  The  r/t  ratio  is  -  3.5,  whereas  BBs 
have  a  r/t  ratio  of  17.  Although  there  are  no  available  data  on  the  dh  of  the  conventional 
spheres,  the  higher  stress  amplification  factor  of  BBs  suggests  a  much  higher  dh  and  figure 
of  merit. 


V.  CONCLUSIONS 

Small,  hollow-sphere  piezoelectric  transducers  can  be  prepared  with  an  inexpensive 
and  flexible  manufacturing  process.  The  main  modes  of  vibration  for  radially  poled  PZT 
spheres  are  the  breathing  and  thickness  modes,  which  can  be  tailored  over  a  frequency  range 
of  200  kHz  to  20  MHz  by  changing  the  diameter  and  the  wall  thickness.  The  principal  modes 
of  vibration  for  top-to-bottom  poled  spheres  arc  ellipsoidal,  higher  order  circumferential  and 
breathing  modes.  Higher  frequency  ellipsoidal  and  higher  order  circumferential  modes 
coupled  to  a  thickness  mode  arc  also  observed.  Compared  to  bulk  PZT,  much  higher  dh  and 
dh*gh  values  are  obtained  with  the  BB  transducer  design. 
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(a)  Ellipsoidal  mode  (  fr  -  240  kHz  ) 


(b)  Higher  order  circumferential  mode  (  fr  =  300-  400  kHz  ) 

Modes  of  vibration  of  a  top-to-bottom  poled  piezoelectric  hollow  sphere. 
Dashed  lines  corresponds  to  rest  position 
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Modes  of  vibration  of  a  top-to-bottom  poled  piezoelectric  hollow 
sphere.  Dashed  lines  corresponds  to  rest  position 
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Modes  of  vibration  of  a  top-to-bottom  poled  piezoelectric  hollow 
sphere.  Dashed  lines  corresponds  to  rest  position 
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Figure-7,  Comparison  of  the  hydrostatic  sensitivity  of  the  hollow  spheres  with  bulk  PZT 
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(a)  radial  poling  case  (b)  top-to-bottom  poling  case 

L  Transformation  of  an  applied  hydrostatic  pressure  into  radial  and  tangential 
stresses 
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Table- 1,  Comparison  of  the  dielectric  and  piezoelectric  properties 


Type 

Bulk  . 

Top-to-bottom 

poled 

radially 

Property 

PZT-5A 

type-1 

tvpe-2 

tvpe-3 

poled 

electrode  gap",  d  (  mm  ) 

n/a 

0.790 

1.380 

1.710 

n/a 

0.985 

mBM 

n/a 

Capacitance.  C  (  vF ) 

131.0 

6.9 

3.7 

3.0 

2.900 

Dielectric  loss,  tan  8 

0.017 

0.027 

0.071 

0.026 

0.020 

Dielectric  constant  er 

1.622 

909 

861 

869 

1.000 

Hydrostatic  piezoelectric  charge 
coefficient  *.  dh  (  pC/N ) 

30 

743 

788 

870 

1,800 

Figure  of  merit 

dh  x  gh,  (  10 ' 15  m2/N  ) 

60 

68.677 

81.659 

98,610 

324.000 

*  valid  only  for  top-to-bottom  poled  transducers 
determined  at  100  psi  and  30  Hz 


Tabled  Comparison  of  the  calculated  and  measured  resonance  frequencies 


Type 

Type-1 

Tvpe-2 

Type-3 

Radial 

Vibration  mode  &. 

resonance  freq.ikHz) 

FEA 

Exp. 

FEA 

Exp. 

FEA 

Exp. 

FEA 

Exp. 

Ellipsoidal  mode 

240 

235 

240 

221 

240 

233 

n/a 

n/a 

Higher  order  circumferential 
mode 

390 

380 

320 

308 

400 

358 

□/a 

n/a 

Breathing  mode 

590 

712 

590 

701 

590 

708 

620 

633 

Ellipsoidal  +  thickness 
coupled  mode 

980 

1,272 

980 

1,226 

980 

1,280 

n/a 

n/a 

Higher  order  circumferential 

2,005 

1,680 

1,987 

1,750 

not 

n/a 

n/a 

+  thickness  coupled  mode 

1 

2,866 

2,480 

found 

II 

3.751 
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Piezoceramics  for  High-Frequency 
(20  to  100  MHz)  Single-Element 
Imaging  Transducers 

Michael  J.  Zipparo,  K.  Kirk  Shung,  Fellow,  IEEE,  and  Thomas  R.  Shrout 


Abstract — The  performance  of  transducers  operating  at 
high  frequencies  is  greatly  influenced  by  the  properties  of 
the  piezoelectric  materials  used  in  their  fabrication.  Selec¬ 
tion  of  an  appropriate  material  for  a  transducer  is  based 
on  many  factors,  including  material  properties,  transducer 
area,  and  operating  frequency.  The  properties  of  a  number 
of  piezoceramic  materials  have  been  experimentally  deter¬ 
mined  by  measuring  the  electrical  impedance  of  air-loaded 
resonators  whose  thickness  corresponds  to  resonance  fre¬ 
quencies  from  10  to  100  MHz.  Materials  measured  include 
commercially  available  compositions  of  lead  zirconate  ti- 
tanate  (PZT)  with  relatively  high  dielectric  constants  and  a 
modified  lead  titanate  (PT)  composition  with  a  much  lower 
dielectric  constant.  In  addition,  materials  which  have  been 
designed  or  modified  to  result  in  improved  properties  at 
high  frequencies  are  studied.  Conclusions  concerning  the 
influence  of  the  microstructure  and  composition  on  the  fre¬ 
quency  dependence  of  the  material  properties  are  made 
from  the  calculated  properties  and  microstructural  anal¬ 
ysis  of  each  material.  Issues  which  affect  transducer  per¬ 
formance  are  discussed  in  relation  to  the  properties.  For 
transducers  larger  than  about  1  mm  in  diameter,  the  use  of 
a  lower  dielectric  constant  material  is  shown  to  result  in  a 
better  electrical  match  between  the  transducer  and  a  stan¬ 
dard  50  f2  termination.  For  transducers  whose  impedance  is 
close  to  that  of  the  connecting  cables  and  electrical  termi¬ 
nation,  equivalent  circuit  model  simulations  show  improved 
performance  without  the  need  for  electrical  matching  net¬ 
works.  Measurements  of  fabricated  transducers  show  close 
agreement  with  the  simulations,  validating  the  measure¬ 
ments  and  showing  the  performance  benefits  of  electrically 
matched  transducers. 


I.  Introduction 

The  USE  of  ultrasonic  transducers  operating  at  frequen¬ 
cies  greater  than  20  MHz  has  been  demonstrated  to 
provide  higher  resolution  in  both  the  axial  and  lateral 
directions,  resulting  in  improved  diagnosis  of  many  dis¬ 
eases.  Ultrasound  backscatter  microscopy  (UBM)  has  been 
shown  to  have  many  clinical  applications  in  the  20  to 
100  MHz  range  [1].  The  design  of  high  frequency  trans¬ 
ducers.  between  50  and  100  MHz,  has  remained  an  engi¬ 
neering  challenge.  A  knowledge  of  the  properties  of  trans¬ 
ducer  materials  is  crucial  at  the  design  stage.  Foster  et  al 
[2]  described  the  characterization  of  commercially  avail¬ 
able  PZT  materials  in  the  20  to  80  MHz  range,  useful  for 
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the  design  of  miniature  transducers  for  applications  such 
as  intravascular  imaging.  Results  show  a  marked  decrease 
in  the  material  properties  of  commercial  PZT  as  the  op¬ 
erating  frequency  is  increased.  Even  with  reduced  prop¬ 
erties,  however,  the  ceramic  materials  have  been  shown 
to  still  have  higher  electromechanical  coupling  coefficients 
than  polymer  materials.  Lockwood  et  al  [3]  described  a 
technique  for  fabricating  high  frequency  focused  transduc¬ 
ers,  allowing  mechanically  focused  transducers  operating 
at  20  MHz  and  higher  to  be  constructed.  Recent  work  [4] 
was  focused  on  electrical  matching  using  transmission  line 
stubs,  while  treating  the  rest  of  the  transducer  as  a  “black 
box"  whose  properties  were  unknown  and  to  an  extent  un¬ 
controllable. 

At  frequencies  above  20  MHz.  the  scale  of  the  devices 
approaches  the  microstructural  scale  of  conventional  ma¬ 
terials.  There  have  been  very  few  studies  exploring  the 
relationships  between  the  microstructure  and  composition 
and  the  frequency  dependence  of  piezoelectric  properties 
for  ceramic  materials.  Results  obtained  by  Foster  et  al.  [2] 
suggested  that  the  microstructure  may  influence  the  prop¬ 
erties  at  very  high  frequencies.  However,  the  materials  ex¬ 
amined  were  limited  to  commercial  PZT  with  a  similar 
composition  and  with  a  grain  size  of  roughly  3  /mi. 

In  this  paper,  measured  properties  are  reported  for  an 
expanded  number  of  commercially  available  materials,  in¬ 
cluding  several  lead  zirconate  titanate  (PZT)  and  one 
modified  lead  titanate  (PT)  ceramics.  In  addition,  fine 
grain  materials  fabricated  using  a  process  described  by 
Kim  [5]  which  results  in  a  submicron  grain  size  are  also 
studied.  Also,  commercial  materials  post-processed  to  al¬ 
ter  the  microstructure  are  characterized  to  determine  their 
high  frequency  properties. 

With  a  precise  knowledge  of  the  transducer  mate¬ 
rial  properties,  it  is  possible  to  select  the  best  mate¬ 
rial  by  considering  design  requirements  such  as  trans¬ 
ducer  area,  operating  frequency,  and  electrical  impedance 
matching.  Certain  characteristics  are  desirable  for  trans¬ 
ducers  used  for  medical  imaging.  For  instance,  a  high  kt 
favors  a  wide  bandwidth  and  a  low  insertion  loss,  both 
of  which  can  contribute  to  improved  image  quality.  Low 
mechanical  losses  can  also  lead  to  improved  sensitivity, 
an  important  consideration  for  high  frequency  applica¬ 
tions  because  of  the  increased  attenuation  in  the  tis¬ 
sue  at  these  frequencies.  For  larger  high-frequency  single¬ 
element  transducers,  a  lower  dielectric  constant  can  be 
used  to  obtain  an  electrical  operating  impedance  closer 
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a)  b)  c)  d) 

Fig.  1.  SEM  micrographs  of  poivrrystalline  piozoceramir  materials-  fa)  Motorola  3203HD.  (b)  EDO  EC97.  (c)  0.5  AGS  fine  grain  PZT, 
(d)  post-processed  EDO  EC97-HIP. 


to  that  of  the  pulsing  and  receiving  electronics,  result¬ 
ing  in  lower  insertion  loss  and  shorter  pulse  length.  Sim¬ 
ulated  results  showing  the  effects  of  material  properties 
on  transducer  performance  were  obtained  using  an  equiv¬ 
alent  circuit  model.  Criteria  for  material  selection  based 
on  the  properties  and  transducer  dimensions  are  dis¬ 
cussed.  An  example  is  given  comparing  a  2  mm  diam¬ 
eter  45  MHz  transducer  designed  using  both  PZT  and 
PT  ceramics.  Modeled  waveforms  are  compared  to  wave¬ 
forms  measured  for  fabricated  transducers,  showing  the 
performance  improvement  of  electrically  matched  trans¬ 
ducers. 

II.  Material  Preparation  and 
Measurement  Method 

Observation  of  the  microstructure  of  a  variety  of  ma¬ 
terials  was  carried  out  using  a  scanning  electron  micro¬ 
scope  (SEM)  to  give  an  indication  of  the  average  grain  size 
(AGS)  and  the  level  of  porosity  for  each  material.  Thick¬ 
ness  mode  resonators  were  prepared  by  lapping  and  pol¬ 
ishing  plates  to  the  desired  thickness.  The  materials  tested 
include  two  commercially  available  high  density  PZT  com¬ 
positions.  Motorola  3203HD  and  3195HD  (Motorola  Ce¬ 
ramic  Products.  Albuquerque.  NM)  [Fig.  1(a)];  a  high  di¬ 
electric  constant  PZT  composition.  Ferroperm  PZ21  (rep. 
Seacor  Piezoceramics.  Branford.  CT);  and  a  commercial 
modified  lead  titanate.  EC97  (EDO  Western.  Ltd..  Salt 
Lake  City.  UT)  [Fig.  1(b)].  These  materials  all  have  an 
AGS  in  the  3  to  6  fix n  range.  In  addition,  two  PZT  com¬ 
positions  designed  to  have  fine  grain  size  were  also  tested. 
FG-0.9  and  FG-0.5  [Fig.  1(c)].  the  numbers  referring  to  the 
AGS  in  micrometers.  A  group  of  the  modified  PT  samples 
was  post  processed  bv  hot  isostatic  pressing  or  HIPing. 
This  changed  the  microstructure  by  reducing  the  amount 
of  porosity  [Fig.  1(d)]. 


For  each  material  tested,  multiple  samples  wfere  pre¬ 
pared  to  resonate  at  frequencies  between  10  and  100  MHz. 
Not  all  of  the  materials  resulted  in  satisfactory  resonators 
for  frequencies  above  80  MHz.  as  sample  toughness  and 
porosity  contributed  to  some  of  the  materials  having  in¬ 
adequate  mechanical  integrity.  For  each  material,  between 
three  and  six  different  sample  thicknesses  (and.  therefore, 
operating  frequencies)  were  tested,  with  typically  two  to 
six  samples  at  each  frequency.  A  gold  electrode  approxi¬ 
mately  1000  A  thick  was  sputter  deposited  on  each  side  of 
the  samples. 

KLM  model  simulations  were  run  to  ensure  that  this 
thickness  would  not  load  the  high  frequency  samples  me¬ 
chanically  and  result  in  inaccurate  measurements.  Fig.  2 
shows  a  schematic  of  the  equivalent  circuit  used  in  the 
model  [6[.  which  includes  the  addition  of  a  term,  expressed 
as  a  quality  factor,  which  represents  mechanical  losses 
within  the  piezoelectric  material.  The  value  for  the  elec¬ 
tromechanical  transformer  turns  ratio  is: 


o  = 


kt  • 


1 


2  •  fp  •  Cs  •  Zn 


•  sine 


(A)F' 


(i) 


and  that  of  the  series  reactance  Cf  is: 

rf  = 

kf  •  sine  (“) 


(2) 


where  kt  is  the  thickness  mode  electromechanical  coupling 
coefficient  and  u jp  is  the  radian  parallel  resonance  fre¬ 
quency.  C’o  represents  the  complex  clamped  capacitance 
and  has  a  value  of: 


Co=  ^3r  ~~~  ~  [1  —  j  •  tan(<5)]  (3) 

where  and  5n  are  the  relative  clamped  and  free  space 
dielectric  permitivities.  A  is  the  transducer  area,  t  is  the 
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transducer  thickness,  and  tan(J)  is  the  dielectric  loss  tan¬ 
gent.  The  transmission  line  components  include  the  com¬ 
plex  mechanical  impedance,  Zm  (kg/s),  which  is  related  to 
the  acoustic  impedance,  Za  (MRayl),  by  the  relation 


where  Qm  is  the  mechanical  quality  factor.  The  wave  ve¬ 
locity,  v  (m/s),  is  also  included.  An  algorithm  based  on 
the  transfer  matrix  approach  described  by  Selfridge  and 
Gehlbach  [7]  was  implemented  on  a  personal  computer. 

Simulations  were  run  comparing  an  ideal  infinitely  thin 
electrode  to  the  actual  1000  A  thick  electrode  for  free  air 
resonators  of  a  typical  PZT  piezoceramic  material  operat¬ 
ing  at  40  and  100  MHz.  Results  showed  a  shift  of  the  paral¬ 
lel  resonance  frequency  of  less  than  1%  for  the  40  MHz  res¬ 
onator  and  approximately  2%  for  the  100  MHz  resonator. 
This  was  judged  to  be  within  the  measurement  accuracy 
so  as  to  have  a  minimal  effect  on  the  measured  material 
properties  for  measurements  made  up  to  100  MHz.  An 
electrode  thickness  of  10,000  A  (1  /zm)  showed  almost  a 
10%  reduction  for  the  40  MHz  resonator  and  an  18%  re¬ 
duction  for  the  100  MHz  resonator,  indicating  that  such 
thick  electrodes  at  high  frequencies  can  cause  significant 
mass  loading. 

The  material  properties  of  thickness  mode  plates  were 
experimentally  evaluated  to  determine  their  suitability  for 
single  element  transducers  operating  at  frequencies  from 
20  to  100  MHz.  Materials  evaluated  included  commercially 
available  PZT  with  an  average  grain  size  in  the  2.5  to 
5.0  /zm  range,  and  fine  grain  PZT  materials  designed  to 
exhibit  a  grain  size  up  to  an  order  of  magnitude  smaller. 
The  fine  grain  materials  were  studied  to  determine  whether 
grain  size  has  a  dominant  effect  on  the  properties  at  high 
frequencies.  Also,  conventional  ceramic  materials  are  of 
limited  use  at  frequencies  approaching  100  MHz  because 
the  dimensions  of  the  samples  approach  the  grain  size,  re¬ 
sulting  in  not  only  reduced  properties  but  also  reduced 
structural  integrity.  Because  of  the  increased  number  of 
grains  across  the  controlling  dimension,  the  fine  grain  ma¬ 
terials  provide  increased  toughness  for  very  high  frequency 
samples. 

Transducers  with  a  larger  radiating  aperture  have  bet¬ 
ter  lateral  resolution  due  to  a  narrower  beamwidth  [1]. 
High  frequency  transducers  made  from  PZT  materials  can 
have  an  electrical  impedance  which  is  substantially  lower 
than  50  f>  if  the  area  is  larger  than  about  1  mm2.  A 
commercial  modified  PT  material  was  selected  for  eval¬ 
uation  based  on  its  lower  dielectric  constant  (ef3r  =  200), 
5  to  10  times  lower  than  for  typical  soft  PZT  materials 
(^33r  =  1100),  which  results  in  less  capacitance  and  hence 
a  higher  impedance  for  a  transducer  with  a  larger  area. 

Measurements  of  the  electrical  impedance  of  air-loaded 
plate  resonators  were  used  to  calculate  the  properties  using 
the  resonance  technique  whereby  an  air-loaded  piezoelec¬ 
tric  sample  is  made  td  resonate  at  a  frequency  determined 
by  its  mode  of  vibration  and  dimensions.  The  mode  which' 
is  excited  is  determined  by  its  particular  shape,  such  as 


2*impedonce  of  piezoelectric  materiel  Co=clompe<J  capacitonce 
v**ave  velocity  C ^series  copocitonce 

Q=mechanical  quality  foctor  ♦  sselectromechanicol  turns  ratio 

^piezoelectric  plate  thickness 


Fig.  2.  KLM  model  equivalent  circuit. 


a  long  bar  or  thin  plate.  The  shape  of  the  test  specimen 
should  be  the  same  as  that  used  in  a  working  transducer. 

In  this  work  thickness  mode  resonators  are  studied  since 
the  transducers  of  interest  use  thin  plates  with  a  large 
area  relative  to  the  thickness.  The  method  of  the  IEEE 
Standards  [8]  was  used  to  calculate  the  electromechanical 
coupling  coefficient,  kt,  based  on  measurement  of  the  series 
and  parallel  resonance  frequencies,  f3  and  /p, 


Several  different  methods  of  measuring  mechanical 
losses  within  the  plate,  expressed  as  a  mechanical  quality 
factor.  Qm ,  were  evaluated,  including  the  method  used  by 
Foster  et  ai  [2] ,  which  is  based  on  an  analysis  of  the  KLM 
model  and  requires  measurement  of  electrical  impedance 
over  a  span  of  frequencies.  The  method  of  Ih  and  Lee  [9] 
was  also  used  to  calculate  mechanical  loss.  Unlike  the  pre¬ 
vious  method,  this  one  requires  measurement  of  impedance 
only  at  a  single  frequency.  This  method  uses  an  interme¬ 
diate  coefficient  D  which  is  calculated  as 

U  ~  f*2  »  v6) 

where  Rmax  is  the  maximum  of  the  real  part  of  the  mea¬ 
sured  impedance,  Cs  is  the  measured  clamped  capaci¬ 
tance,  fp  is  the  parallel  resonance  frequency  (i.e.,  frequency 
of  i?max),  and  kt  is  calculated  as  described  above.  From  D 
the  attenuation  coefficient,  a  (Np/m),  is  calculated  as: 


where  t  is  the  thickness  of  the  sample.  From  a  it  is  possible 
to  calculate  Qm  as  [2]: 


Qm 


*'fp 
a  *  v 


(8) 


where  v  is  the  wave  velocity. 

The  calculated  values  were  found  to  be  similar  between 
the  two  methods  for  samples  tested  around  25  MHz.  Ta¬ 
ble  I  shows  the  values  of  Qm  measured  for  two  thickness 
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TABLE  I 

Qm  Measured  Using  Two  Methods. 


Thickness 

/p 

measured  Qm 

{fjm) 

(MHz) 

Foster 

Ih  and  Lee  % 

difference 

9- 

26.0 

41.4 

42  5 

2.6 

96 

23.6 

36.6 

36.9 

0  8 

mode  resonators  using  Foster's  method  [2]  and  the  method 
of  Ih  and  Lee  [9].  The  variation  between  the  two  methods 
is  at  most  only  a  few  percent.  Because  of  its  accuracy  and 
simplicity,  the  Ih  and  Lee  method  :9]  was  used  to  measure 
the  mechanical  losses  presented  in  this  paper.  Fig.  3  shows 
a  comparison  of  the  measured  and  modeled  electrical  in¬ 
put  impedance  for  an  air-loaded  98  MHz  thickness  mode 
resonator  of  hot-pressed  lead  titanate  ceramic.  The  mod¬ 
eled  spectrum  was  calculated  using  the  KLM  model  with 
the  measured  parameters  as  inputs.  The  excellent  agree¬ 
ment  between  the  two  curves  confirms  the  accuracy  of  the 
measurements,  even  at  the  upper  limit  of  the  measurement 
range. 


III.  Experimental  Results 

The  properties  calculated  from  impedance  measure¬ 
ments  are  shown  in  Table  II.  These  properties  are  suffi¬ 
cient  to  model  the  performance  of  transducers  using  the 
one-dimensional  KLM  model.  The  calculated  properties 
are  summarized  in  Table  III  for  each  material.  Physical 
properties  such  as  transition  temperature.  Tc,  and  densitv. 
p.  were  also  measured.  Tc  was  measured  as  the  temperature 
where  a  peak  in  the  dielectric  constant  was  observed  as  the 
operating  temperature  increased.  The  density  was  mea¬ 
sured  for  each  material  using  bulk  samples  to  determine 
mass  and  volume.  Measurements  were  not  made  using  high 
frequency  samples  because  of  the  inherent  measurement 
inaccuracy.  Properties  of  thickness  mode  plates  operating 
at  20  MHz  are  shown,  as  well  as  the  slopes  calculated  from 
linear  regression  analysis  of  the  higher  frequency  proper¬ 
ties.  The  values  of  the  slopes  can  be  compared  between  the 
different  materials  and  conclusions  drawn  relating  the  mi¬ 
crostructure  and  composition  to  the  frequency  dependence 
of  the  properties. 

.4.  Commercial  Lead  Zirconate 
Titanate  ( PZT )  Materials 

PZT  materials  of  the  type  tested  here  (i.e.,  PZT5  type 
materials!  are  piezoelectrically  son  materials.  That  means 
that  the  internal  dipoles  or  domains  are  easily  reoriented 
by  an  applied  electric  field.  This  fact  can  contribute  to 
higher  coupling  coefficients  and  dielectric  constants,  since 
domain  wall  motion  contributes  to  the  piezoelectric  re¬ 
sponse.  At  high  frequencies  the  finite  activation  energy 
and  inertial  mass  associated  with  domain  wall  motion  [10] 
may  lower  these  extrinsic  contributions.  A  reduction  in  the 
domain  wall  motion  contribution  could  cause  lower  piezo¬ 
electric  properties  at  high  frequencies. 


90  92  94  96  98  100 


Frequency  (MHz) 


Frequency  (MHz) 


measured 
""  modeled 

Fig  3  Comparison  of  measured  and  modeled  Z,n  for  air-loaded 
98  MHz  EC97-HIP  thickness  mode  resonator. 


The  data  for  the  two  high  density  PZT  materials,  both 
with  an  AGS  of  approximately  2.5  /im.  confirm  the  fre¬ 
quency  dependence  of  kt  previously  reported  by  Foster  et 
al.  [2].  where  a  slope  of  approximately  — 1.0  x  10“3/MHz 
was  reported.  The  measured  frequency  dependence  of  Qm 
also  agrees  with  that  previously  reported. 

SEM  analysis  of  the  high  dielectric  constant  material, 
Ferroperm  PZ21,  revealed  an  AGS  of  5  /im.  slightly  larger 
than  for  the  Motorola  materials.  Also  apparent  was  a 
higher  level  of  porosity.  The  frequency  dependence  of  kt 
was  very  close  to  the  Motorola  materials,  indicating  that 
a  small  amount  of  porosity  does  not  significantly  affect  kt 
at  high  frequencies.  The  strong  frequency  dependence  of 
Qm  for  PZ2I  leads  to  high  losses  at  high  operating  fre¬ 
quencies.  similar  to  other  commercial  PZTs. 

The  microstructure  and  measurements  for  the  commer¬ 
cial  PZT  materials  show  that  porosity  does  not  signifi¬ 
cantly  contribute  to  lower  piezoelectric  properties  at  high 
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TABLE  II 

Material  Properties  of  Thickness  Mode  Resonators 
Which  are  Calculated  from  Impedance  Measurements. 


Symbol 

Description 

Units 

kt 

Qm 

V 

thickness  electromechanical  coupling  coefficient 
mechanical  quality  factor 
longitudinal  plane  wave  velocity 

mm/ (is 

Nt 

thickness  frequency  constant 

MHz  mm 

P 

density 

g/cm3 

Za 

characteristic  impedance 

MRayl 

e33r 

tan(d5) 

eT 

e33r  ^ 

tan($r) 

relative  clamped  dielectric  permitivity 
clamped  dielectric  loss  tangent 
relative  free  dielectric  permitivity 
free  dielectric  loss  tangent 

TABLE  III 

Measured  Properties  of  Piezoceramic  Materials. 


20  MHz  measurements 


Tc 

Material  Type  (deg.  C) 


3203HD 

VI 

210 

3195HD 

II 

330 

PZ21 

VI 

150 

FG-0.9 

II 

350 

FG-0.5 

II 

350 

EC97 

n/a 

260 

EC97-HIP 

n/a 

260 

AGS 

(mm) 

(g/cm3) 

kt 

3.5 

7.8 

0.53 

3.5 

7.8 

0.48 

5.0 

7.8 

0.48 

0.9 

7.8 

0.49 

0.5 

7.8 

0.46 

6.0 

6.7 

0.48 

6.0 

6.9 

0.52 

Nt 

Qm  e33r  (MHz  mm) 


50 

1100 

2.4 

90 

750 

2.4 

40 

1500 

2.3 

50 

600 

2.3 

40 

1050 

2.3 

120 

220 

2.6 

120 

200 

2.7 

Linear  regressions 


slope  of  kt 
(— 10~3/MHz) 

L03 

0.93 

1.02 

0.67 

0.68 

0.32 

0.37 


slope  of  Qm 
(-1/MHz) 

0.74 

1.06 

0.55 

0.55 

0.25 

1.88 

0.63 


frequencies.  The  frequency  dependence  was  similar  for  Mo¬ 
torola  3203HD  and  Ferroperm  PZ21.  materials  which  had 
different  levels  of  porosity.  The  frequency-dependent  be¬ 
havior.  therefore,  must  be  explained  by  other  factors. 

The  relative  clamped  permitivity  of  1500,  highest  of  the 
materials  tested,  is  achieved  by  compositionaily  lowering 
Tc  to  150WC.  This  results  in  a  higher  permitivity  at  room 
temperature,  an  important  consideration  for  small  area  ar¬ 
ray  elements  which  benefit  from  the  higher  capacitance 
which  can  lower  the  electrical  impedance  and  more  closely 
match  the  transducer  to  the  electrical  terminations.  For 
high  frequency  single  element  transducers,  which  are  typ¬ 
ically  large  in  area  relative  to  their  thickness,  the  high 
permitivity  results  in  an  impedance  which  is  substantially 
lower  than  50  Q. 

B.  Fine  Grain  Lead  Zireonate 
Titanate  (PZT)  Materials 

The  fine  grain  PZT  materials  showed  a  similar  decrease 
in  both  kt  and  Qm  at  high  frequencies.  However,  the  slope 
of  kt  vs.  frequency  is  considerably  lower  than  for  the  con¬ 
ventional  PZT  materials,  as  shown  in  Fig.  4(a).  The  AGS 
0.9  and  0.5  /zm  materials  both  showed  the  same  slope  of 
0.67  x  10“3/MHz.  Thus  the  frequency  dependence  of  kt 
does  not  seem  to  be  improved  by  reducing  the  grain  size 
appreciably  below  1  /zm.  The  change  in  Qm  with  frequency, 
however,  does  show  additional  improvement  for  the  FG-0.5 
material  which  showed  a  slope  of  — 0.25/MHz,  lowest  of  all 


materials  tested.  Therefore,  grain  size  does  seem  to  greatly 
influence  the  frequency  dependence  of  Qm ,  even  for  grain 
sizes  less  than  1  /zm. 

The  size  of  the  domains  has  previously  been  shown  to 
decrease  with  decreasing  grain  size  [10].  A  possible  expla¬ 
nation  for  the  lower  frequency  dependence  of  kt  and  Qm  for 
the  fine  grain  materials  is  that  the  dependence  is  moved 
to  higher  frequencies.  In  other  words,  the  effect  of  grain 
and  domain  size  is  reduced  in  the  frequency  range  from 
20  to  80  MHz.  Thus  conventional  materials  show  reduced 
properties  at  high  frequencies  owing  to  their  larger  grain 
and  domain  size,  while  fine  grain  PZT  materials  show  less- 
reduced  properties  due  to  the  shifting  of  these  losses  to 
frequencies  greater  than  100  MHz. 

The  properties  of  the  fine  grain  materials  at  frequencies 
less  than  20  MHz  are  slightly  lower  but  comparable  to  the 
commercially  available  materials.  This  is  consistent  with 
previous  conclusions  [10]  which  explained  the  decrease  in 
terms  of  a  reduced  domain  wall  mobility  due  to  clamping 
at  the  grain  boundaries  and  a  reduced  number  of  domain 
orientations  within  an  individual  grain.  Overall,  the  re¬ 
duced  frequency  dependence  results  in  better  properties 
at  high  frequencies  compared  to  commercial  PZT.  An¬ 
other  important  advantage  of  the  fine  grain  materials  is 
their  ability  to  be  formed  into  very  thin  resonators.  The 
minimum  plate  thickness  achievable  for  the  conventional 
materials  was  about  24  /zm,  while  by  using  the  same  tech¬ 
nique  for  the  fine  grain  materials  plates  as  thin  as  13  /zm 
were  made,  corresponding  to  a  projected  thickness  mode 
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Fig.  4.  Frequency*  dependence  of  kt  and  Qm  for:  (a)  0.5  pm  AGS  fine 
grain  PZT.  ib>  EDO  EC97. 

resonance  ar  150  MHz.  These  samples  were  able  to  be  han¬ 
dled  but  were  not  electroded  and  polarized  because  of  the 
100  MHz  measurement  limit  of  the  impedance  analyzer. 

C.  Lead  Tit  an  ate  (PT)  Materials 

A  material  from  the  lead  titanate  class.  EC97,  was 
tested.  The  grain  size  of  this  material  was  the  largest  of 
all  the  materials  tested,  with  an  average  of  approximately 
6  /im  and  some  grains  approaching  10  jim.  Also  evident 
from  the  SEM  analysis  was  a  fairly  high  level  of  poros¬ 
ity.  The  size  of  the  domains  was  also  quite  large,  being 
visible  at  magnifications  where  the  domains  of  PZT  are 
not  apparent.  Despite  its  large  grain  size,  the  material 
was  fairly  easy  to  process  into  very  thin  plates.  The  min¬ 
imum  plate  thickness  achieved  for  a  1  cm  diameter  disk 
was  24  //m. 

The  measured  kt  at  low  frequencies  was  found  to  be  ap¬ 
proximately  0.5.  comparable  to  the  PZT  materials.  Con¬ 
sidering  the  relatively  large  grain  size,  it  is  interesting 
to  note  the  very  low  slope  of  kt  vs.  frequency  (—0.32  x 
10  3/MHz)  which  can  be  seen  in  Fig.  4(b)  to  result  in  an 
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extrapolated  kt  of  0.45  at  100  MHz.  This  slope  was  the 
lowest  of  all  materials  tested  despite  the  grain  size  being 
the  highest,  indicating  that  grain  size  is  not  the  dominant 
contributor  to  reduced  properties  at  high  frequencies.  The 
low  slope  of  kt  vs.  frequency  can  be  attributed  to  a  lower 
contribution  of  the  properties  from  extrinsic  effects  which 
tend  to  be  reduced  at  high  operating  frequencies.  Domain 
wall  motion  in  particular  appears  to  be  an  important  fac¬ 
tor  in  determining  the  frequency  dependence  of  kt.  Since 
PT  materials  in  general  have  a  reduced  domain  wall  mobil¬ 
ity  relative  to  PZT  materials,  it  is  not  surprising  that  the 
frequency  dependence  of  kt  is  reduced.  Thus  even  though 
both  the  grain  and  domain  sizes  are  larger  than  for  the 
PZT  materials  tested,  the  lower  contribution  from  extrin¬ 
sic  effects  makes  the  frequency  dependence  less  for  the  PT 
materials. 

The  Q 

m  at  low  frequencies  for  the  PT  material  was 
highest  among  all  of  the  materials  evaluated,  although 
there  was  a  large  variation  in  the  measured  results  from 
sample  to  sample  at  low  frequencies.  It  is  believed  that 
the  inconsistency  in  the  results  are  linked  to  incomplete 
mixing  or  some  other  processing  deficiency  which  leads 
to  regions  of  inhomogeneous  properties  within  the  sam¬ 
ples.  In  fact,  areas  of  varying  opacity  were  evident  in  the 
very  thin  samples,  indicating  that  the  composition  varies 
spatially  through  the  samples.  The  high  value  of  Qm  at 
low  frequencies  can  again  be  ascribed  to  the  low  degree  of 
domain  wall  mobility  which  is  present  in  PT  materials,  as 
domain  losses  dominate  internal  loss  in  PZT  materials  [11, 
p.  32].  The  slope  of  Qm  vs.  frequency  for  EC97  was  highest 
of  all  materials  tested,  resulting  in  a  low  Qm  of  about  10  at 
80  MHz.  This  is  believed  to  be  a  result  of  porosity  present 
in  the  material.  Due  to  the  large  impedance  mismatch  at 
the  ceramic-pore  boundary,  the  scattering  of  sound  from  a 
pore  will  be  high,  leading  to  significant  attenuation  within 
the  material  and  thus  a  lower  Qm.  The  effect  is  most  se¬ 
vere  when  the  wavelength  in  the  material  approaches  the 
size  of  the  pores,  as  is  the  case  at  frequencies  approaching 
100  MHz. 

The  EC97  material  was  post  processed  with  a  heat 
treatment  in  order  to  improve  the  properties  for  high  fre¬ 
quency  transducers.  The  resulting  material  is  referred  to 
as  EC97-HIP.  The  process  referred  to  above  is  hot  iso¬ 
static  pressing,  or  HIP.  and  consists  of  heating  the  samples 
to  a  high  temperature  such  as  1000°C  at  a  high  isostatic 
pressure  such  as  13.8  MPa  (2000  psi).  The  result  of  the 
pressure  and  heat  is  a  reduction  in  pore  size  and  an  in¬ 
crease  in  the  density  [12].  Both  6.0  and  0.6  mm  thick  sam¬ 
ples  were  processed  to  determine  if  sample  thickness  influ¬ 
enced  the  results.  All  HIP  samples  were  poled  at  110°C 
with  a  field  of  50  kV/cm  applied  for  10  minutes  in  a 
fluourinert  (FC-40.  Sigma  Chemical  Co.,  St.  Louis,  MO) 
bath. 

From  an  SEM  analysis  of  the  EC97-HIP  material,  it 
was  evident  that  porosity  had  been  reduced  significantly. 
For  the  samples  tested,  the  density  increased  ^4%  relative 
to  the  nontreated  samples.  The  kt  increased  slightly  to  a 
value  of  0.52  measured  at  50  MHz.  higher  than  for  the  PZT 
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materials  and  the  standard  EC97.  This  increase  can  prob¬ 
ably  be  attributed  to  the  decrease  in  porosity.  The  HIP 
treatment  and  the  associated  decrease  in  porosity  had  an 
even  more  profound  effect  on  Qm,  with  a  value  of  about 
100  being  measured  at  98  MHz.  This  is  significantly  higher 
than  the  best  PZT  which  showed  a  Qm  of  about  20  in  this 
range.  This  is  also  convincing  evidence  that  losses  due  to 
domain  wall  motion  do  contribute  to  a  lower  Qm  for  PZT 
materials,  and  that  PT  materials,  owing  to  reduced  ex¬ 
trinsic  contributions,  are  inherently  less  lossy  at  high  fre¬ 
quencies.  The  difference  between  EC97  and  EC97-HIP  also 
seems  to  suggest  that  porosity  is  a  significant  contributor 
to  mechanical  loss  for  PT  type  materials. 


IV.  Transducer  Design  Based  on  Properties 

The  relative  clamped  dielectric  permitivity,  ef3r,  of  the 
fine  grain  PZT  materials  was  similar  to  the  conventional 
PZT  materials.  Thus,  while  the  high-frequency  properties 
are  slightly  better,  the  high  dielectric  constant  effectively 
limits  the  fine  grain  materials  to  miniature  single  element 
and  array  applications  where  the  small  element  area  dic¬ 
tates  the  use  of  a  higher  dielectric  material  for  electrical 
impedance  matching.  Fine  grain  PZT  materials  offer  great 
promise  for  high-frequency  array  applications  in  particu¬ 
lar  because  the  element  width  and  spacing  are  necessarily 
close  to  the  grain  size  of  conventional  materials,  making 
processing  into  arrays  difficult  because  of  the  reduced  me¬ 
chanical  integrity. 

For  the  PT  material  sf3r  was  220,  typical  for  this  type 
of  material.  This  is  an  advantage  for  some  high  frequency 
single  element  transducers  in  terms  of  electrical  impedance 
matching,  particularly  for  transducers  more  than  a  few 
square  millimeters  in  area.  The  reduced  dielectric  constant 
results  in  a  higher  electrical  impedance  and  better  match¬ 
ing  to  standard  50  ft  electronics  for  larger  area  transducers. 

The  influence  of  the  material  properties  on  the  response 
of  single  element  transducers  was  determined  by  using  the 
KLM  model,  as  described  earlier.  The  measured  material 
properties  shown  in  Table  III,  in  addition  to  the  front  and 
rear  acoustic  loading  conditions  and  the  transducer  dimen¬ 
sions.  are  sufficient  to  model  transducer  operation.  The 
connecting  cable  impedance  and  length  can  also  strongly 
influence  the  transducer  response.  Selection  of  the  best 
material  can  be  made  based  on  the  modeled  performance 
characteristics,  such  as  the  pulse-echo  waveform  amplitude 
and  pulse  length  and  the  frequency  spectrum.  The  electri¬ 
cal  impedance  of  the  transducer  is  particularly  important 
in  determining  transducer  performance,  especially  in  situ¬ 
ations  where  the  electrical  terminations  are  fixed  [13]-[15]. 

Simulations  of  electrical  impedance,  Z\n ,  were  obtained 
using  the  measured  45  MHz  properties  for  PZ21  and  EC97- 
HIP.  A  2  mm  diameter  transducer  was  loaded  with  water 
on  the  front  and  a  5.4  MRayl  material  on  the  back.  For 
a  transducer  operating  at  45  MHz.  a  diameter  larger  than 
1  mm  can  result  in  improved  lateral  resolution  while  main¬ 
taining  a  reasonable  depth  of  field  [1].  The  larger  area 
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Frequency  (MHz) 
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Fig.  5.  Modeled  electrical  impedance  for  a  backed  2  mm  diameter 
50  MHz  resonator:  (a)  PZT  material  (Ferroperm  PZ21),  (b)  PT  ma¬ 
terial  (EDO  EC97).  Note  the  closer  match  to  50  Q  for  the  PT  mate¬ 
rial  due  to  the  lower  dielectric  constant. 


relative  to  thickness  dictates  the  use  of  a  lower  dielec¬ 
tric  constant  piezoelectric  material  so  that  the  electrical 
impedance,  Zin ,  is  closer  to  50  ft.  Results  for  the  real  and 
imaginary  parts  of  Zin  are  shown  in  Fig.  5(a)  for  PZ21. 
The  peak  in  the  real  part  is  less  than  10  ft,  considerably 
lower  than  standard  50  ft  terminations.  Results  are  shown 
in  Fig.  5(b)  for  EC97-HIP,  with  a  much  lower  dielectric 
constant.  The  peak,  at  56  ft,  is  higher  and  much  closer 
to  50  ft  than  the  PZT  transducer.  In  addition  to  a  lower 
dielectric  constant,  the  PT  material  has  a  higher  coupling 
coefficient,  A*,  and  a  higher  mechanical  Q ,  Qm,  both  of 
which  favor  an  improved  transducer  response. 

Simulated  waveforms  for  the  two  transducers  were  gen¬ 
erated  using  the  KLM  model  with  the  test  configuration 
shown  in  Fig.  6.  The  electrical  excitation  signal  was  a  neg- 
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Fig.  6.  Circuit  configuration  for  simulation  and  measurement  of  pulse 
echo  response.  The  received  signal  was  measured  directly  across  the 
50  ft  termination.  The  limiter  is  designed  to  prevent  receiver  over¬ 
load  on  transmit:  the  expander  prevents  the  pulser  impedance  from 
loading  the  transducer  on  receive;  and  the  lengths  of  cables  d\  and 
d?  are  made  much  less  than  a  wavelength,  while  cable  d 3  is  made  a 
quarter  wavelength  at  the  transducer  center  frequency,  all  described 
by  Lockwood  et  al.  [15]. 


ative  impulse  with  an  amplitude  of  32  V  peak  from  a  50 
source  impedance.  The  PZT  transducer  waveform,  shown 
in  Fig.  7(a).  can  be  seen  to  have  a  long  pulse  length.  The 
PT  transducer  response,  shown  in  Fig.  7(b),  can  be  seen  to 
have  a  higher  signal  amplitude  and  a  shorter  pulse  length, 
both  of  which  contribute  to  improved  image  quality.  These 
results  are  similar  to  those  obtained  by  Lockwood  and 
Foster  [4]  for  a  PZT  transducer  with  an  electrical  match¬ 
ing  network.  The  matched  electrical  impedance  of  the  PT 
transducer  facilitates  energy  transfer  between  the  trans¬ 
ducer  and  the  electronics  without  the  need  for  a  matching 
network,  resulting  in  improved  system  performance. 

Focused  transducers  which  operate  at  45  MHz  were  con¬ 
structed  from  PZT  (PZ21)  and  PT  (EC97-HIP)  materials 
for  comparison  with  the  simulations.  The  2  mm  diame¬ 
ter  was  the  same  as  that  used  in  the  simulations.  A  cross 
section  of  the  transducers  is  shown  in  Fig.  8.  The  transduc¬ 
ers  were  built  into  an  SMA  connector  with  a  conductive 
epoxy  backing  ( Z  =  5.4  MRayl)  and  focused  using  the 
technique  described  by  Lockw'ood  et  al.  [3].  The  piezoce¬ 
ramic  was  focused  while  supported  with  a  slug  of  backing 
approximately  1  mm  thick.  Tliis  alleviated  the  need  to 
focus  the  transducer  and  then  apply  additional  backing 
material,  as  the  Lockwood  method  [3]  requires.  Also,  the 
volume  around  the  backing  was  completely  potted  with 
epoxy  (EP30:  Master  Bond,  Hackensack.  NJ).  The  electri¬ 
cal  resistance  of  the  backing  material  w^as  found  to  have  a 
minimal  influence  on  the  transducer  response,  being  mea¬ 
sured  less  than  100  mO  for  a  backing  piece  of  the  thickness 
and  diameter  used  in  the  transducers.  The  front  electrode 
was  a  layer  of  sputtered  gold  approximately  1000  A  thick 
which  covered  the  front  of  the  ceramic  and  made  a  con¬ 
nection  to  the  outer  connector  housing  which  served  as  the 
ground. 

The  transducers  were  spherically  focused,  also  using  the 
technique  described  by  Lockwood  et  al.  [3],  except  that 
the  operation  was  done  at  65°C.  An  experiment  was  per¬ 
formed  to  investigate  the  result  of  the  focusing  operation 
on  the  properties  of  a  backed  resonator.  Table  IV  show's 
the  properties  measured  using  the  technique  described  in 
Section  II  for  a  free  air  resonator  and  for  a  backed  res- 
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Fig.  7.  Simulated  pulse  echo  waveform  for  2  mm  diameter  45  MHz 
transducers  (a)  PZT  material  (Ferroperm  PZ21),  (b)  PT  material 
(EDO  EC97).  Note  the  higher  signal  level  and  shorter  pulse  length 
of  the  PT  transducer 
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Fig.  8.  Cross-section  of  single  element  transducer  built  into  an  SMA 
connector  (after  Lockwood  [3]).  Note  the  simplified  construction  of 
the  ceramic-backing  composite  which  was  formed  in  one  step  and  the 
one  step  potting  of  the  connector  with  epoxy. 


TABLE  IV 

Measured  Properties  of  Thickness  Mode  Resonators 
Under  Different  Loading  Conditions. 


Free  plate 

Backed 

Backed  and  focused 

kt 

0.470 

0.418 

0.416 

Qm 

71.0 

9.1 

7.7 

£S 

fe33r 

156 

168 

166 

Nt 

2.60 

2.36 

2.35 

onator  both  before  and  after  the  focusing  operation.  The 
free  air  resonator  can  be  seen  to  have  a  higher  coupling 
coefficient  and  significantly  lower  mechanical  losses.  This 
shows  that  the  effect  of  the  damping  from  the  backing  is 
principally  to  increase  mechanical  losses,  in  the  form  of 
energy  transferred  to  and  absorbed  by  the  backing,  while 
the  dielectric  constant  and  mechanical  stiffness  remains 
essentially  constant.  The  focusing  operation  can  be  seen 
to  slightly  lower  the  electromechanical  coupling,  dielectric 
constant,  and  mechanical  compliance,  and  to  increase  me¬ 
chanical  losses  by  about  15%.  Considering  the  degree  of 
mechanical  alteration  of  the  composite  structure,  result¬ 
ing  in  additional  small  cracks  which  are  visible  as  a  mo¬ 
saic  pattern  on  the  surface  of  the  transducer  when  viewed 
under  30  power  magnification,  this  modest  change  in  the 
measured  properties  is  somewhat  surprising.  A  possible  ex¬ 
planation  is  that  enough  of  the  ceramic  structure  remains 
intact  that  the  inter-granular  coupling  remains  largely  un¬ 
changed  over  most  of  the  sample. 

The  transducers  were  tested  with  the  same  setup  shown 
in  Fig.  6  and  excited  with  a  32  V  negative  impulse.  A 
flat  steel  plate  reflector  was  placed  at  the  focal  distance 
of  5.2  mm.  The  result  for  the  PZT  transducer,  depicted  in 
Fig.  9(a),  shows  a  lower  signal  level  than  the  PT  transducer 


[Fig.  9(b)].  The  pulse  length  and  frequency  spectrum  of 
the  PT  transducer  closely  match  the  modeled  response  for 
a  transducer  with  the  same  diameter  and  thickness.  The 
ringdown  characteristics  are  nearly  the  same,  while  the 
measured  frequency  spectrum  shows  a  slight  decrease  in 
bandwidth  relative  to  the  modeled  spectrum.  An  insertion 
loss  of  30  dB  for  the  PT  transducer  was  measured  at  the 
center  frequency,  as  compared  with  a  loss  of  over  40  dB 
for  the  PZT  transducer. 

These  results  demonstrate  that  an  improvement  in  per¬ 
formance  can  be  achieved  by  choosing  a  material  with  a 
dielectric  constant  that  results  in  a  transducer  impedance 
which  closely  matches  the  electrical  termination  condi¬ 
tions.  Also,  the  excellent  correlation  between  the  modeled 
and  measured  waveforms  shows  that  it  is  possible  to  ac¬ 
curately  predict  transducer  performance  by  carefully  mea¬ 
suring  the  material  properties  at  the  frequency  of  interest. 


V.  Conclusions 

As  has  been  generally  recognized  for  years,  the  piezo¬ 
electric  properties  of  ceramic  transducer  materials  oper¬ 
ated  at  high  frequencies  can  be  significantly  different  from 
those  at  low  frequencies.  An  experimental  investigation  de¬ 
termined  the  properties  of  a  number  of  ceramic  materi¬ 
als  operated  as  thickness-mode  resonators  at  frequencies 
between  10  and  100  MHz.  Results  showed  that  conven¬ 
tional  PZT  materials  have  significantly  reduced  kt  and 
increased  losses  at  high  frequencies,  most  likely  as  a  re¬ 
sult  of  decreased  domain  wall  motion  contributions  to  the 
piezoelectric  response.  New  fine  grain  PZT  materials  have 
been  demonstrated  to  have  less  frequency-dependent  prop¬ 
erties,  particularly  the  mechanical  loss.  This  behavior  is 
believed  to  be  due  to  a  shifting  of  the  extrinsic  reduction 
phenomenon  to  a  higher  frequency. 

The  PT  class  of  materials  wras  found  to  have  proper¬ 
ties  which  behaved  markedly  different  from  PZT  materials 
at  high  frequencies.  The  frequency  dependence  of  kt  was 
found  to  be  less  for  EC97  than  for  even  the  fine  grain  PZT, 
despite  the  order  of  magnitude  larger  average  grain  size, 
AGS.  Coupling  coefficients  close  to  0.5  were  measured  at 
80  MHz.  This  shows  that  composition  plays  a  more  sig¬ 
nificant  role  than  grain  size  in  determining  the  frequency 
dependence  of  kt.  While  the  EC97  showed  high  losses  at 
frequencies  close  to  100  MHz,  the  same  material  after  un¬ 
dergoing  a  hot  isostatic  press  or  HIP  treatment  showed 
much  lower  losses  as  a  result  of  the  decreased  porosity. 
Thus  it  appears  that  the  frequency  dependence  of  Qm  is 
affected  by  not  only  grain  size  and  porosity,  but  also  by 
composition.  PT  materials,  due  to  reduced  extrinsic  con¬ 
tributions,  suffer  less  of  a  decrease  at  high  frequencies  than 
do  PZT  materials,  despite  a  larger  grain  size.  Mechanical 
losses  are  considerably  lower  for  the  PT  materials  in  the 
50  to  100  MHz  range,  with  a  Qm  of  nearly  100  being  mea¬ 
sured  at  98  MHz  for  densified  PT. 

The  properties  of  the  piezoelectric  material  greatly  in¬ 
fluence  the  response  of  the  transducer.  A  larger  diameter 
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is  permitted  for  high  frequency  transducers  used  for  ex¬ 
ternal  scanning  than  for  those  used  for  applications  such 
as  intravascular  imaging  where  the  transducer  diameter 
is  severely  limited  by  space  constraints.  This  larger  radi¬ 
ating  area  results  in  better  lateral  resolution  than  for  a 
smaller  transducer  operating  at  the  same  frequency.  For 
transducers  greater  than  50  MHz  with  a  diameter  greater 
than  1  mm.  the  larger  area  relative  to  the  thickness  dic¬ 
tates  the  use  of  a  lower  dielectric  constant  material  for  a 
transducer  impedance.  Zin,  which  closely  matches  50  Q. 
Simulations  using  the  measured  properties  showed  that 
the  lower  dielectric  constant  of  the  PT  material  can  re¬ 
sult  in  a  Zxn  close  to  50  H  for  a  2  mm  diameter  45  MHz 
transducer.  The  simulated  waveform  showed  higher  ampli¬ 
tude  and  shorter  pulse  length  than  for  a  PZT  transducer 
with  the  same  dimensions.  The  improved  high  frequency 
properties  of  PT  materials,  due  to  their  different  com¬ 
position  and  microstructure,  also  contribute  to  improved 
transducer  response. 

Measurements  on  transducers  which  were  fabricated 
show  good  agreement  with  the  modeled  waveforms  in  both 
the  time  and  frequency  domains.  This  indicates  that  it 
is  possible  to  accurately  predict  transducer  performance 
based  on  material  property  measurements  made  at  high 
frequencies. 


Fig.  9.  Measured  pulse  echo  waveform  for  2  mm  diameter  45  MHz 
transducers:  (a)  PZT  material  (Ferroperm  PZ21),  (b)  PT  material 
(EDO  EC97J.  Note  the  lower  signal  level  for  the  PZT  transducer. 
The  measured  waveform  for  the  PT  transducer  shows  excellent  cor¬ 
relation  with  that  predicted  by  the  KLM  model  using  the  measured 
properties.  * 
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ABSTRACT 

A  tunable  solid  state  piezoelectric  vibration  absorber  and  an  active  tuning  method  were  developed  and  demonstrated.  A  passive 
vibration  absorber  generally  acts  to  minimize  structural  vibration  at  a  specific  frequency  associated  with  either  a  tonal 
disturbance  or  the  response  of  a  lightly  damped  structural  vibration  mode.  Because  this  frequency  is  rarely  stationary  in  real 
applications,  damping  is  usually  added  to  ensure  some  level  of  effectiveness  over  a  range  of  frequencies.  Maximum  response 
reductions,  however,  are  achieved  only  if  the  absorber  is  lightly  damped  and  accurately  tuned  to  the  frequency  of  concern. 
Thus,  an  actively-tuned  vibration  absorber  should  perform  better  than  a  passive  one  and.  furthermore,  could  be  made  lighter. 
In  its  simplest  form,  a  vibration  absorber  consists  of  a  spring-mass  combination.  A  key  feature  of  the  tunable  vibration 
absorber  described  herein  is  the  use  of  piezoelectric  ceramic  elements  as  part  of  the  device  stiffness.  The  effective  stiffnesses 
of  these  elements  was  adjusted  electrically,  using  a  passive  capacitive  shunt  circuit,  to  tune  the  resonance  frequency  of  the 
device.  The  tuning  range  of  the  absorber  is  thus  bounded  by  its  short-circuit  and  open-circuit  resonance  frequencies.  An 
alternative  tuning  approach  might  employ  resistive  shunting,  but  this  would  introduce  undesirable  damping.  Another  feature 
of  the  device  is  the  ability  to  use  the  piezoelectric  elements  as  sensors.  A  control  scheme  was  developed  to  estimate  the 
desired  tuning  frequency  from  the  sensor  signals,  to  determine  the  appropriate  shunt  capacitance,  and  then  to  provide  it.  The 
shunt  circuit  itself  was  implemented  in  ten  discrete  steps  over  the  tuning  range,  using  a  relay-driven  parallel  capacitor  ladfW 
circuit.  Experimental  results  showed  a  maximum  20  dB.  and  a  10  dB  average  improvement  in  vibration  reduction  across  the 
tuning  range,  as  compared  to  a  pure  passive  absorber  tuned  to  the  center  frequency,  with  additional  benefit  extending  beyond 
the  tuning  range. 

Keywords:  passive  vibration  absorber,  semi-active  tuning,  piezoelectric  ceramic,  capacitive  shunting 


1.  INTRODUCTION 

Vibration  is  an  important  aspect  ot  many  engineering  systems,  from  machine  tools  to  structure-borne  noise  in  aircraft1.  In 
most  cases,  such  vibration  is  undesirable  and  requires  attenuation.  Attenuation  techniques  range  in  complexity  from  relatively 
simple  narrow-band  passive  elastomeric  vibration  absorbers  to  fully  active  broad-band  vibration  control  systems. 

Passive  attenuation  methods  represent  an  important  class  of  approaches  to  the  control  unwanted  structural  vibrations2.  One 
particular  method  of  passive  vibration  suppression  involves  the  use  of  passive  vibration  absorbers  (PVAs).  Passive  vibration 
absorbers  are  conceptually  simple  devices  consisting  of  a  mass  attached  to  a  structure  via  a  spring  or  via  a  parallel  spring- 
damper  combination.  PVAs  are  commonly  constructed  of  an  elastomeric  material  sandwiched  between  the  structure  and  an 
inertial  (or  proof)  mass.  The  primary  function  of  these  devices  is  to  increase  the  effective  dynamic  stiffness  of  a  structure  over 
a  relatively  narrow  frequency  band.  Increasing  the  dynamic  stiffness  of  a  structure  reduces  its  dynamic  displacement  (assuming 
the  forcing  level  remains  constant).  In  practice.  PVAs  are  typically  used  to  minimize  vibration  at  a  specific  frequency 
associated  with  either  a  lightly  damped  structural  mode  or  a  tonal  disturbance.  The  advantages  of  using  vibration  absorbers  are 
low  cost,  low  weight,  and  ease  of  attachment.  The  fact  that  a  PVA  may  only  be  used  effectively  at  a  single  frequency, 
however,  can  sometimes  be  a  significant  drawback. 
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While  a  common  use  of  FVAs  is  to  reduce  vibration  in  tall  buildings  or  towers3,  they  have  also  been  successfully  used  in  the 
aviation  industry  for  some  time.  For  example,  the  DC-9  for  many  years  used  a  set  of  four  PVAs  attached  to  each  engine 
pylon4  to  reduce  aft  cabin  noise  associated  with  the  operating  spool  frequency  of  the  engines.  Similarly,  both  the  Fokker  F27 
and  the  Saab  3405  aircraft  use  PVAs  attached  directly  to  the  fuselage  frame  to  lower  interior  cabin  noise  levels. 

In  these  applications,  the  absorbers  provide  considerable  vibration  attenuation  at  specific  frequencies.  Performance  can  be 
seriously  degraded,  however,  if  the  disturbance  source  changes  frequency.  If  this  occurs,  the  PVA  must  be  physically  re-tuned 
to  maintain  optimal  performance.  Physically  re-tuning  the  absorber  is  generally  impractical.  Thus,  there  is  a  need  for 
vibration  absorbers  with  tunable  variable  properties 

Active  vibration  absorbers  (AVAs)  are  passive  vibration  absorbers  with  variable  stiffness,  mass,  or  damping  properties.  The 
advantage  of  using  an  AVA  over  a  PVA  is  the  tunability  of  the  resonance  frequency  of  the  device.  AVAs  are  commonly  used 
to  track  frequency-varying  disturbances  or  to  increase  the  bandwidth  of  a  vibration  attenuation  method.  Recently,  Northwest 
Airlines  initiated  plans  to  upgrade  173  of  its  DC-9s  with  active  tuned  mass  absorbers  built  by  Barry  Controls6  7.  Due  to  the 
increased  weight  and  complexity  of  using  AVAs.  however,  they  have  not  generally  found  widespread  use. 

The  goal  of  this  research  was  to  extend  AVA  technology  by  developing  a  tunable  piezoceramic  vibration  absorber.  The  key 
aspects  of  a  tunable  vibration  absorber  are  the  method  by  which  the  stiffness  or  mass  of  the  device  is  altered  and  the 
magnitude  of  the  resulting  change  in  frequency.  Because  it  is  generally  more  difficult  to  vary  the  mass  of  a  device,  focusing 
on  how  to  incorporate  a  variable  stiffness  into  the  absorber  is  appropriate.  Precisely  how  the  stiffness  may  be  changed  is  an 
important  issue. 

Piezoceramic  materials  offer  an  attractive  solution  to  the  variable  stiffness  problem,  because  these  materials  exhibit  relatively 
strong  coupling  between  electrical  and  mechanical  behavior.  Recently,  the  Center  for  Acoustics  and  Vibration  at  Penn  State 
and  PCB  Piezotronics,  Inc.  were  involved  in  the  development  of  a  piezoceramic  inertial  actuator  (PIA)".  Part  of  the 
development  research  conducted  by  Penn  State  showed  that  a  PLA,  used  passively,  behaves  like  a  passive  vibration  absorberv. 
The  research  presented  here  focused  on  developing  a  method  for  using  such  a  PIA  as  an  active  vibration  absorber. 

2.  BACKGROUND 

A  model  was  developed  to  improve  insight  into  the  effects  of  shunting  a  piezoceramic  inertial  actuator.  First,  a  single  degree 
of-freedom  (DOF)  structure  and  absorber  model  were  created.  Next,  the  absorber  model  was  modified  to  incorporate  the  effects 
of  the  piezoceramic  forcing  element  of  the  inertial  actuator.  Finally,  the  electro-mechanical  dynamics  of  the  passively  shunted 
piezoceramic  were  added  to  the  model  to  capture  the  desired  frequency  dependent  effects. 

2.1  Vibration  absorber/structure  interaction 

Consider  a  damped  vibration  absorber  attached  to  a  single  DOF  system,  as  shown  in  Figure  I .  Let  mt,  kt,  and  b,  represent  the 
effective  mass,  stiffness,  and  damping  of  the  structure  respectively,  and  ma.  ka,  and  b3  represent  the  mass,  stiffness,  and 
damping  of  the  absorber  respectively. 

First,  consider  the  response  of  the  structure  only  (i.e..  no  absorber,  just  the  base  structure).  The  following  linear  equation  of 
motion  is  readily  found.  (Note:  unless  otherwise  stated,  the  damping  terms  b3  and  b,  are  considered  small  and  ignored,  to 
simplify  analysis.) 

mi*i  ""  )  (I) 

Assuming  zero  initial  conditions.  Eq.  1  may  be  transformed  into  the  Laplace  domain  and  expressed  in  transfer  function  form. 
Eq.  2  represents  the  ratio  of  the  structural  displacement.  X,,  to  the  base  disturbance  displacement.  X,,,,  or 

X,(j)  Ic, 
xjn(j)  m,i2  +  k, 


(2) 


The  positive  root  of  the  denominator  of  Eq.  2  may  be  used  to  calculate  natural  frequency  of  the  structure,  cos,  namely 


(3) 


Thus,  when  the  structure  is  excited  harmonically  at  a  frequency  cos,  it  will  resonate  (/.e.,  Xs  will  be  large  compared  to  XJ. 


Figure  1.  Passive  vibration  absorber  attached  to  a  single- 
DOF  structure  lumped  parameter  model 


Figure  2.  Sample  frequency  response  functions  for 
the  single-DOF  structure  and  the  single-DOF 
structure  with  attached  PVA 


Next,  consider  the  equations  of  motion  for  the  coupled  structure/absorber  system  shown  in  Figure  1,  namely 

•Ma'-M*.-*.)  and  =-k,(.rt-.*in)-ka(j:,-jta)  (4a,  b) 

Transforming  Eqs.  4a  and  4b  into  the  Laplace  domain  and  combining  the  results  yields  an  expression  for  the  structural 
displacement.  X„  in  terms  of  the  input  disturbance  displacement.  X,„,  or 

X$(r)  k,(ma52  +  ka) 

— — —  - — - L _ 

Xin(s)  msmaj4+(ma(ks  +  ka)  +  mska)j2  +  kska 


Eq.  5  describes  the  coupled  dynamics  of  the  structure/absorber  system.  Note  that  as  with  Eq.  2.  the  roots  of  the  denominator 
of  Eq.  5  are  the  poles  of  the  coupled  system  and  the  roots  of  the  numerator  of  Eq.  5  are  the  zeros  of  the  coupled  system.  The 
frequencies  of  the  poles  «D,  and  to.)  and  zero  (toahJ)  of  the  coupled  structure/absorber  system  are 


<*>1.2  = 


£ 

2  H 


ma(ka  +  ks)  +  mska  m  Jmaka(ma(ka  +2ks)  +  2mska)+(mak1  +mska)2  i  k 

- - — -  and  6)^=  '  ’ 


m. 


(6a,b) 


Note  that  co^  defines  the  frequency  of  minimum  response  of  the  coupled  structure/absorber  system,  and  is  equal  to  the  natural 
frequency  of  the  (undamped)  vibration  absorber  itself. 

Consider  now  the  structural  frequency  response  function,  both  with  and  without  an  attached  vibration  absorber,  due  to  an 
input  displacement  disturbance  (see  Figure  2).  The  response  of  the  structure  only  (Le.,  the  magnitude  of  Eq.  2)  is  denoted  by 
the  dashed  line  in  Figure  2.  Notice  the  large  structural  response  at  the  frequency  (0S. 


The  solid  line  in  Figure  2  shows  the  response  of  the  structure  with  an  attached  vibration  absorber  that  has  a  natural  frequency, 
wahS»  equal  to  the  natural  frequency  of  the  original  structural  mode.  to,.  The  response  is  reduced  dramatically  at  the  frequency 
of  the  original  structural  mode.  a),,  and  increased  at  frequencies  both  above  and  below  the  frequency  of  the  original  structural 
mode  («.*.,  at  the  frequencies  of  the  poles  of  the  coupled  system.  u^  and  (&) 

From  Eq.  5  and  Figure  2,  it  is  clear  that  the  natural  frequency  of  the  absorber  defines  the  frequency  at  which  minimum 
structural  response  will  occur.  Upon  closer  inspection  of  the  numerator  of  Eq.  5,  it  is  also  evident  that  the  frequency  of 
minimum  structural  response  is  solely  a  function  of  the  absorber  mass  and  stiffness.  Thus  it  is  possible  in  principle  to 
reduce  structural  response  at  any  disturbance  frequency,  provided  the  natural  frequency  of  the  absorber  is  equal  to  the 
disturbance  frequency  and  the  absorber  is  lightly  damped  This  idea  will  be  used  later  when  developing  a  tuning  control 
strategy  to  maintain  optimum  absorber  performance  when  subjected  to  a  tonal  disturbance  frequency. 

2.2  Vibration  absorber  frequency  tuning  via  passive  electrical  shunting 

With  the  knowledge  that  the  natural  frequency  of  the  absorber  defines  the  frequency  of  minimum  structural  response,  the  next 
step  was  to  develop  a  method  for  changing  the  stiffness  of  the  absorber  in  real-time  to  make  the  absorber  tunable.  Electrically 
shunting  the  actuator  has  the  effect  of  changing  the  effective  stiffness  (and  thus  the  natural  frequency)  of  the  device.  A  full 
description  of  the  theory  behind  the  shunting  method  for  frequency  tuning  is  presented  in  the  conference  paper  by  Davis,  et 
al}{)  as  well  as  the  thesis  by  Davis11  and  is  summarized  here  for  completeness. 

As  mentioned  previously,  a  vibration  absorber  may  be  modeled  using  lumped  parameters  such  as  a  spring,  ka,  and  mass.  m3 
(Figure  3a).  Similarly,  an  inertial  actuator  may  be  modeled  as  a  spring-mass  system  with  a  forcing  element,  Fp,  in  parallel 
with  the  spring  element.  k3,  of  the  absorber  (Figure  3b).  Placing  the  forcing  element  of  the  inertial  actuator  (which  has  an 
associated  effective  stiffness)  in  parallel  with  the  inherent  structural  stiffness  of  the  absorber  (Figure  3c)  results  in  a  net  device 
stiffness  that  is  the  sum  of  the  two  stiffnesses. 


(a)  (b)  (c) 

Figure  3.  (a)  Passive  vibration  absorber  lumped  parameter  model,  (b)  Inertial  actuator  lumped  parameter  model, 
(c)  Passively  shunted  inertial  actuator  lumped  parameter  model 


Electrically  shunting  the  piezoceramic  forcing  elements  within  a  piezoceramic  inertial  actuator  changes  the  effective  stiffness 
ot  the  piezoceramics.  An  expression  was  developed11  for  the  effective  stiffness.  k\  of  the  piezoceramic  forcing  element  within 
the  piezoceramic  inertial  actuator,  namely 


k* 


=  kE 


l  +  - 


l-kp  +a(j)  J 


(7) 


where  kE  is  the  effective  short  circuit  piezoceramic  stiffness.  kp  is  the  piezoceramic  planar  electromechanical  coupling 
coefficient,  a(s)  is  the  nondimensional  ratio  of  the  electrical  impedance  of  the  of  the  piezoceramic  (/.*.,  1/jCpt,  where  CpT  is 
the  capacitance  of  the  piezoceramic  measured  under  constant  stress)  to  the  electrical  impedance  of  the  shunt  circuit,  and  s  is  the 
Laplace  parameter  (i’.e.,  j=ito  where  to  is  radian  frequency). 

Regardless  of  the  type  of  sirrfple  electrical  shunt  circuit  (e.g.t  resistor,  capacitor,  inductor),  there  are  limits  on  the  range  of 
values  k  can  take  on.  These  limits  are  conveniently  defined  in  terms  of  shunt  circuit  short-  and  open-circuit  electrical 
impedances.  When  short  circuited,  the  shunt  impedance  is  effectively  zero  and  Eq.  7  reduces  to  k*  =  kE.  At  open  circuit,  the 


shunt  impedance  is  effectively  infinite  and  k*  =  kE(kp2  /  (1-kj,2)).  Thus  the  tunable  range  of  k’  is  limited  by  the  value  of  the 
piezoceramic  planar  electromechanical  coupling  coefficient,  kj,. 

In  the  application  described  here,  the  value  of  kp  was  approximately  0.6.  For  a  device  made  solely  of  this  type  of 
piezoceramic  material,  the  change  in  stiffness  from  short  to  open  circuit  could  be  as  high  as  56%,  resulting  in  an  almost  25% 
change  in  natural  frequency.  In  practice,  however,  the  stiffness  of  the  piezoceramic  is  in  parallel  with  the  inherent  mechanical 
stiffness  of  the  actuator,  and  only  some  fraction  of  the  net  device  stiffness  may  be  changed  due  to  electrical  shunting. 

Note  that  Eq.  7  may  be  complex  depending  upon  the  type  of  shunt  circuit  used  (e.g.,  if  a  resistor  is  used  as  the  shunt  circuit). 
A  complex  stiffness  would  indicate  that  the  device  has  mechanical  properties  similar  to  those  of  an  anelastic  material  and 
therefore  will  add  hysteretic  damping  effects  to  the  system.  In  terms  of  vibration  absorber  performance,  adding  damping  has 
the  effect  of  increasing  the  response  magnitude  at  the  natural  frequency  of  the  absorber.  Because  the  goal  of  this  research  was 
to  maintain  minimum  structural  response  at  coabs,  shunt  circuits  which  added  damping  to  the  system  were  not  considered. 

An  ideal  capacitor  is  a  purely  reactive  element  (i.e.,  capacitors  do  not  dissipate  energy  and  thus  provide  no  damping).  The 
ratio  of  the  effective  tunable  piezoceramic  stiffness  of  a  capacitively  shunted  piezoceramic  element  to  the  short  circuit  stiffness 
of  the  element  is  shown  in  Figure  4.  Notice  that  for  this  case,  the  tuning  ratio  is  the  ratio  of  the  shunt  capacitance,  C,h,  to 
the  clamped  capacitance  of  the  piezoceramic.  As  illustrated  in  Figure  4,  the  tunable  piezoceramic  stiffness  varies  smoothly 
with  increasing  shunt  capacitance.  Also  note  that  roughly  a  four-order-of-magnitude  change  in  shunt  capacitance  is  necessary 
to  effectively  change  from  open  to  short  circuit  (or  vice  versa). 


Tuning  Ratio,  Csh  /  CpT 

Figure  4.  Effect  of  shunt  capacitance  on  effective  piezoceramic  stiffness 


As  mentioned  previously,  the  total  stiffness  of  a  piezoceramic  vibration  absorber  is  the  sum  of  the  effective  tunable 
piezoceramic  stiffness  and  the  inherent  stiffness  of  the  device.  The  relative  magnitudes  of  the  two  stiffnesses  determines  the 
net  frequency  change  possible  via  electrical  shunting.  An  experiment  was  conducted  using  a  commercially  available 
piezoceramic  inertial  actuator  as  a  passive,  electrically  shunted  vibration  absorber.  A  schematic  of  the  piezoceramic  inertial 
actuator  used  for  the  experiments.  PCB  Model  X712A02,  is  shown  in  Figure  5.  The  actuator  (the  lower  flat  cylinder  in 
Figure  5)  is  approximately  2  inches  in  diameter  and  approximately  3/8  of  an  inch  thick.  The  reaction  mass  is  attached  to  the 
top  of  the  actuator  by  a  standard  10-32  threaded  stud,  making  it  relatively  easy  to  coarsely  tune  the  device  by  changing  the 
mass.  The  base  of  the  inertial  actuator  (hidden  in  Figure  5)  also  has  a  10-32  threaded  stud  used  for  attaching  the  actuator  to  a 
structure. 

The  purpose  of  the  experiment  was  to  measure  the  natural  frequency  and  modal  damping  ratio  of  the  actuator  under  a  variety  of 
capacitive  shunt  conditions  ranging  between  short  and  open  circuit.  In  the  experiment,  the  inertial  actuator  was  attached  to  a 
shaker  and  accelerometers  were  used  to  measure  both  the  input  (t.e.,  the  shaker)  acceleration  and  the  reaction  mass 
acceleration.  The  ratio  of  the  two  acceleration  measurements  formed  a  frequency  response  function  which  was  then  curve  fit 
to  approximate  the  natural  frequency  and  modal  damping  ratio  of  the  actuator  for  a  given  shunt  condition.  The  electrodes  of 


the  menial  actuator  were  attached  to  a  solderless  breadboard  where  discrete  values  of  capacitance  could  be  used  to  shunt  the 
device. 


*  tacr - 


Figure  5.  Schematic  of  the  PCB  Model  X712A02  inertial  actuator  with  200g  reaction  mass 

The  results  of  the  passive  shunting  experiment  verified  the  ability  to  predictably  tune  the  natural  frequency  of  the 
piezoceramic  vibration  absorber  between  a  short  circuit  natural  frequency  of  313  Hz  and  an  open  circuit  natural  frequency  of 
338  Hz.  The  resulting  change  in  natural  frequency  was  approximately  7.5%  from  short  to  open  circuit.  Next,  a  frequency 
tuning  control  method  for  the  shunted  piezoceramic  vibration  absorber  was  developed. 


3.  SEMI-ACTIVE  PIEZOCERAMIC  VIBRATION  ABSORBER 
FREQUENCY  TUNING  CONTROLLER 

The  preceding  section  showed  that  it  is  possible  to  use  a  PIA  as  a  passive  vibration  absorber  and  that  such  a  PLA  may  be 
passively  tuned  with  an  external  shunt  circuit  In  this  section,  the  approach  used  to  implement  a  semi-active  tuning  method 
is  described. 

3.1  Concept 

Consider  a  flexible  structure  with  several  well-spaced  structural  modes  of  vibration  subjected  to  a  tonal  disturbance.  Attaching 
a  conventional  passive  vibration  absorber  to  the  structure,  tuned  to  the  tonal  disturbance  frequency,  would  reduce  structural 
response  at  that  frequency.  Thus,  as  long  as  the  disturbance  frequency  remained  constant,  a  high  level  of  attenuation  would  be 
achieved  f/.e..  structural  vibration  would  be  minimized).  If.  however,  the  tonal  disturbance  frequency  changed,  performance 
would  decrease  (i.e.%  the  vibration  level  would  increase)  Therefore  it  is  clearly  beneficial  to  have  a  tunable  vibration  absorber 
and  a  tuning  method  to  track  a  changing  disturbance  frequency  and  appropriately  re-tune  the  frequency  of  the  absorber. 

Developing  a  tuning  method  for  the  PIA  involved  three  steps:  First,  an  appropriate  system  signal  was  identified,  from  which 
the  desired  tuning  frequency  could  be  estimated.  The  next  step  was  to  develop  a  method  for  actually  estimating  the  frequency 
of  structural  vibration  from  the  signal.  The  final  step  involved  formulating  a  control  scheme  to  determine  and  provide  the 
proper  shunt  capacitance. 

The  concept  of  monitoring  the  disturbance  frequency  and  tuning  the  absorber  to  maintain  minimum  structural  response  is 
illustrated  in  Figure  6.  The  upper  plot  represents  broadband  structural  response  for  a  structure  both  with  and  without  an 
attached  PIA  vibration  absorber.  The  highlighted  area  of  the  upper  plot  is  enlarged  in  the  lower  portion  of  Figure  6  to  show 
the  transfer  function  zeros  (or  minima)  created  by  the  addition  of  a  short  circuit,  shunted,  and  open  circuit  PIA  to  the  structure. 

First,  consider  the  case  when  the  piezoceramic  element  within  the  PIA  is  short  circuited  (indicated  by  the  dashed  line  in  the 
highlighted  section  in  the  lower  plot  of  Figure  6).  If  a  tonal  disturbance  acted  on  the  structure  at  a  frequency  equal  to  fKt 
structural  response  would  be  minimal.  If  the  disturbance  frequency  were  to  decrease  while  the  PIA  remained  short  circuited, 


structural  response  would  increase.  Similarly,  if  the  disturbance  frequency  were  to  increase  to  the  frequency  f^,  while  the 
piezo  element  remained  short  circuited,  structural  response  would  again  increase.  However,  if  the  absorber  were  “re-tuned”  by 
adjusting  the  electrical  shunt  impedance  to  an  open  circuit  condition  structural  response  would  remain  minimal.  In  addition, 
if  the  disturbance  frequency  were  to  fall  anywhere  between  fsc  and  ftK,  there  exists  a  shunt  impedance  that  will  deliver 
minimum  structural  response. 


Figure  6.  Conceptual  tuned  vibration  absorber  structural  response 


Consider  the  following  situation:  a  structural  mode  is  excited  by  a  pure  tone  harmonic  disturbance  which  varies  in  frequency 
by  a  few  percent  of  some  nominal  frequency.  In  principle,  a  PIA-based  vibration  absorber  could  be  added  to  the  structure  such 
that  at  a  shunt  tuning  ratio  of  one,  the  natural  frequency  of  the  absorber  would  be  equal  to  the  nominal  disturbance  frequency 
(«.*..  the  natural  frequency  of  the  absorber  for  a  tuning  ratio  of  one  is  half-way  between  f*  and  fw).  If  sensing  (in  the  form  of 
determining  the  frequency  of  the  disturbance),  control  (in  the  form  of  a  command  signal  based  on  the  sensed  frequency  to  alter 
the  electric  shunt  impedance),  and  actuation  (in  the  form  of  a  means  to  alter  the  electrical  shunt  condition)  were  provided,  then 
minimum  structural  response  could  be  maintained  within  the  band  defined  between  the  open  and  short  circuit  frequencies. 

The  heavy  solid  line  in  Figure  6  illustrates  the  conceptual  response  of  a  discretely  tuned  PVA.  In  this  illustration,  the  shunt 
capacitance  does  not  vary  smoothly  between  fK  and  fix;,  but  instead  is  discretized.  Thus,  determining  a  means  to  estimate  the 
disturbance  frequency,  choosing  the  correct  value  of  shunt  impedance  based  on  the  estimated  frequency,  and  physically 
changing  the  shunt  impedance  are  the  main  subject  of  the  next  section.  Two  important  questions  to  be  addressed  are:  1 )  what 
sensor(s)  could  be  used;  and  2)  once  a  sensed  signal  is  acquired,  how  can  frequency  information  be  extracted  from  it? 

3.2  Implementation 

It  is  clearly  desirable  to  try  to  use  the  fewest  number  of  sensors  in  order  to  reduce  control  system  complexity,  weight,  and 
power  consumption.  With  this  in  mind,  a  method  for  sensing  the  tonal  disturbance  frequency  based  on  the  voltage  produced 
by  the  piezoceramic  within  the  PIA  was  developed. 

Assuming  a  linear  model  for  the  coupled  structure/PIA  system,  the  voltage  produced  by  the  piezoceramic  elements  within  the 
PIA  is  directly  proportional  to  the  piezoceramic  strain  and  the  shunt  circuit  electrical  impedance.  Thus,  for  an  open  circuit 
electrical  PIA  being  forced  near  resonance,  the  piezo  elements  would  be  under  considerable  strain  due  to  the  motion  of  the 


inertial  mass  (and  corresponding  small  motion  of  the  attached  structure),  producing  considerable  voltage.  If.  however,  the  PIA 
were  short  circuited,  there  would  be  effectively  no  measurable  voltage  across  the  terminals  of  the  PIA.  Instead,  short- 
circuiting  the  device  would  produce  a  large  current  (for  the  same  forcing  conditions).  Thus,  because  shunting  the  PIA  can 
vary  the  electrical  impedance  of  the  device  from  nearly  short  circuit  to  nearly  open  circuit,  using  the  electrical  state  of  the 
piezoceramic  to  estimate  vibration  frequency  can  only  be  effective  if  both  voltage  and  current  are  used  as  sensor  variables 

For  the  prototype  system  described  here,  a  control  system  was  used  in  which  the  A/D  conversion  process  required  voltages 
within  a  prescribed  range.  Thus  it  was  necessary  to  convert  the  PIA  current  to  a  corresponding  voltage.  The  current 
estimation  process  was  realized  using  an  op-amp  as  an  ideal  current -to- voltage  converter12. 

The  controller  used  for  tuning  the  PIA  is  show'n  in  Figure  7.  The  controller  used  two  inputs  and  one  output.  The  inputs  were 
the  PIA  voltage.  Vv,  and  the  voltage  proportional  to  the  PIA  current.  V,.  The  output  was  a  voltage  proportional  to  the  tuning 
impedance  of  the  shunt  circuit.  The  main  elements  of  the  controller  were:  1)  the  band-pass  filters:  2)  the  frequency 
estimation  logic;  and  3)  the  control  voltage  calculation 


numbpist 

denbpisi 


voltace  bandpass 
!>lier 


numbpm 

denbpls) 


current  bandpass 
filler 


a 


flu) 


frequency 

estimator 


estimate 

control 

voltage 


Figure  7.  Control  system  block  diagram 


The  band-pass  filters  removed  any  DC-component  of  the  input  signals  and  attenuated  high  frequency  noise.  The  filters  were 
second  order  with  low  and  high  cut-off  frequencies  of  approximately  1 30  and  780  Hz  respectively.  Note  that  for  the  prototype 
system,  the  frequency  range  of  interest  (i.e. .  the  range  of  frequencies  defined  by  the  short  and  open  circuit  resonance 
frequencies  of  the  PIA)  was  approximately  290  to  350  Hz.  Thus  the  pass-band  encompassed  the  range  of  interest  well. 

The  filtered  signals  were  next  used  to  estimate  the  frequency  of  the  tonal  disturbance.  For  the  prototype  version,  frequency 
estimation  was  done  by  the  control  computer.  For  increased  performance,  analog  circuitry’  could  be  implemented  in  the  form 
of  a  phase  locked  loop  to  convert  the  sensed  voltages  to  a  voltage  proportional  to  frequency  for  use  by  the  control  system 

With  a  proper  estimate  tor  the  frequency  oi  vibration,  the  remaining  task  of  the  controller  was  to  calculate  an  appropriate 
control  voltage  with  which  to  vary  the  shunt  impedance.  Before  the  controller  could  be  programmed,  however,  it  was 
necessary  to  determine  a  method  for  physically  altering  the  shunt  capacitance.  Recall  that  in  Figure  2,  the  effective  tunine 
ratio  range  for  capacitive  shunting  is  roughly  0.01  to  100  times  the  capacitance  of  the  PIA  measured  at  constant  stress.  The 
capacitance  of  the  PIA  measured  at  constant  stress  used  in  prototype  system  was  approximately  0.072  |iF.  Therefore,  to  tunc 
the  natural  frequency  of  the  PIA  between  \\  and  f1K,  a  shunt  capacitance  range  of  roughly  0.7  nF  to  7  pF  was  required. 

Variable  capacitors  do  exist.  However,  the  majority  of  variable  capacitors  have  relatively  small  ranges  (e.g.,  even  a  range  of 
12  to  100  pF  is  not  common)  and  must  be  tuned  by  physical  means.  Programmable  capacitors  also  exist,  but  due  to  their 
added  complexity  and  resistance,  they  were  not  considered  for  the  prototype  system.  Instead,  a  “ladder'’  circuit  of  discrete 
capacitors  wired  in  parallel  was  used  to  tune  the  PIA. 

The  effect  of  placing  capacitors  in  parallel  is  a  net  capacitance  equal  to  the  sum  of  the  individual  capacitances.  Figure  8 
illustrates  a  conceptual  shunt  circuit  with  several  parallel  capacitors.  If  the  frequency  tuning  band  of  the  shunted  PIA  were 
discretized  into  a  finite  number  of  capacitive  impedances,  a  control  law  could  be  developed  to  select  a  number  of  parallel 
capacitors  whose  sum  would  be  the  net  electrical  impedance  needed  to  tune  the  actuator  very  close  to  the  estimated  disturbance 
frequency.  Clearly,  the  number  of  discrete  capacitance  values  used  in  a  specific  application  will  depend  on  the  overall  size  of 


the  frequency  tuning  range,  the  intrinsic  damping  of  the  absorber,  and  the  acceptable  deviation  from  minimum  response. 
Finer  discretization  of  the  tuning  band  will  yield  more  uniformly  low  system  response. 


Figure  8.  Conceptual  “ladder”  capacitive  shunt  circuit 


Consider  a  discretized  shunt  circuit  with  10  discrete  capacitance  levels  ranging  from  approximately  0.7  nF  to  7  \iF.  Ideally, 
each  discrete  shunt  capacitance  will  tune  the  PIA  such  that  structural  response  will  be  a  minimum  for  a  prescribed  frequency 
within  the  control  bandwidth.  Thus  the  tunable  frequency  band  was  divided  into  nine  frequency  bands  between  the  short  and 
open  circuit  natural  frequencies  of  the  PIA  as  shown  in  Figure  9. 


frequency 


Figure  9.  Frequency  band  shunt  discretization 


The  frequencies  at  the  minima  of  each  frequency  band  (labeled  as  f*,  f,  through  f8,  and  fiK  in  Figure  8)  define  frequencies  at 
which  the  cumulative  combinations  of  shunt  capacitance  prescribe  the  shunted  natural  frequency  of  the  PIA.  First,  consider 
the  open  circuit  shunt  case.  Open  circuit  corresponds  to  a  very  small  (or  zero)  shunt  capacitance.  Thus  if  capacitor  Ct  in 
Figure  8  were  very  small  (or  removed)  and  all  switches  were  open,  the  PIA  would  be  in  an  approximately  open  circuit  shunt 
condition  (i.e.,  the  natural  frequency  of  the  PIA  would  equal  f,K).  Next,  consider  closing  the  switch  s,  in  Figure  8.  The  net 
capacitance  of  the  shunt  circuit  increases  to  the  sum  of  C,  and  C2.  Conversely,  the  natural  frequency  of  the  PIA  decreases  to 
f*  (assuming  C,  and  C:  are  chosen  correctly).  Similarly,  closing  switches  s,  and  s2  will  increase  the  net  shunt  capacitance  to 
the  sum  of  the  C„  C2,  and  C,  and  the  PIA  natural  frequency  (and  thus  the  frequency  of  minimum  structural  response)  will 
decrease  to  f7.  Closing  all  of  the  switches  will  increase  the  net  shunt  capacitance  to  the  total  of  all  of  the  capacitors  in  the 
ladder  circuit.  Thus,  if  C,  through  Ct  are  chosen  correctly,  the  sum  of  all  the  capacitors  will  be  large  enough  to  approximate 
a  short  circuit  shunt  condition  (i.e.,  the  total  parallel  capacitance  will  be  greater  than  or  equal  to  I00xCpT).  The  question 
remains,  however,  as  to  how  to  open  and  close  the  switches  in  the  ladder  circuit. 

The  switches  in  the  shunt  circuit  shown  in  Figure  8  determine  the  number  of  capacitors  in  parallel  with  the  PIA.  Ideally, 
these  switches  would  operate  in  response  to  a  prescribed  signal  from  the  control  system.  In  doing  so,  however,  the  switches 
should  not  introduce  any  additional  electrical  impedance  into  the  shunt  circuit.  A  relay  provides  one  possible  solution  to  this 
problem. 

The  control  voltage,  Vc,  shown  in  Figure  7,  is  used  to  turn  the  relays  on  in  succession.  Variable  resistors  wired  between  each 
relay  driver  circuit  were  adjusted  such  that  for  Vc=l  V,  relay  #1  would  turn  “on”  while  the  others  would  remain  “off’.  For 
VC=2V,  relays  #1  and  #2  would  turn  “on”  while  the  other  relays  would  remain  “off*.  Similarly,  more  relays  would  turn  “on” 
while  the  remaining  relays  remained  “off’  for  increasing  integer  voltage  levels  up  to  and  including  9V.  What  remained  was  to 
program  the  control  logic  to  output  discrete  integer  voltage  levels  corresponding  to  desired  shunt  capacitance  levels.  Note  that 
discrete  voltage  outputs  were  required  to  ensure  the  appropriate  relays  in  the  switching  circuit  were  either  “on”  or  “off’. 


Figure  10  illustrates  the  correlation  between  control  voltage,  Vc,  PIA  capacitive  tuning  ratio,  a.  and  the  frequency  of 
minimum  structural  response.  From  Figure  10  it  is  clear  that,  for  a  control  voltage  of  0V,  no  transistors  are  "on”  and  thus  the 
PIA  is  shunted  with  one  capacitor.  C,.  As  stated  earlier,  if  C,  is  sufficiently  small  (say  approximately  0.01xCpT),  the  PIA 
will  behave  as  if  it  were  open  circuited.  For  a  control  voltage  of  IV,  the  first  transistor  turns  "on”  and  the  shunt  capacitance 
is  increased  from  C,  to  the  sum  of  C,  and  C:.  If  C2  equals  0.  lxCrT,  the  net  tuning  ratio  would  be  approximately  0.1 1  arci 
the  natural  frequency  of  the  PIA  and  therefore  the  frequency  of  minimum  structural  response  would  be  f„. 
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Figure  10.  Control  voltage  to  structural  response  correlation 

As  shown  in  Figure  10.  varying  the  control  voltage.  Vt.  from  0  to  9V  changes  the  frequency  of  minimum  structural  response 
from  approximately  the  open  circuit  natural  frequency  to  approximately  the  short  circuit  natural  frequency.  Referring  to  the 
control  system  block  diagram  in  Figure  6.  the  estimate  control  voltage  block  contains  the  code  to  convert  the  estimated 
disturbance  frequency  to  &n  appropriate  control  voltage. 

4.  TUNING  CONTROL  EXPERIMENTS 

Several  experiments  were  designed  to  evaluate  the  effectiveness  of  the  tunable  piezoceramic  inertial  actuator.  In  the 
experiments,  a  representative  structure  (a  clamped -clamped  beam)  was  driven  with  a  tonal  force  disturbance.  First,  structural 
accelerance  measurements  were  taken  both  with  and  without  the  passive  PIA  attached  to  the  structure.  Measurements  in 
which  the  PIA  was  both  short  and  open  circuited  were  used  to  define  the  effective  tuning  bandwidth  for  the  shunt  control 
system.  Finally,  a  sine  sweep  was  used  to  vary  the  disturbance  frequency  from  just  below  the  PIA  short  circuit  natural 
frequency  to  just  above  the  PIA  open  circuit  natural  frequency  for  the  short  circuit,  open  circuit,  and  actively  tuned  cases. 

Figure  1 1  shows  the  experimental  setup  for  the  semi-actively  tuned  PIA  vibration  absorber  experiments.  The  representative 
structure  was  a  0.913  x  0.038  x  0.006  m  aluminum  beam  rigidly  fixed  at  both  ends.  An  inertial  actuator  placed  10  cm  from 
the  left  end  of  the  beam  was  used  to  apply  a  disturbance  force  to  the  structure.  The  drive  signal  for  the  actuator  was  generated 
by  a  Hewlett  Packard  3562A signal  analyzer  and  amplified  using  a  PCB/AVC  high  power  charge  amplifier.  A  dynamic  force 
transducer  placed  between  the  actuator  and  the  structure  measured  the  force  applied  to  the  structure,  while  a  high-sensitivity 
accelerometer  located  30  cm  from  the  right  side  of  the  beam  measured  the  dynamic  response  of  the  beam  at  the  location  of  the 


PIA.  Both  the  force  transducer  and  the  accelerometer  signals  were  amplified  via  portable  power  units  and  then  recorded  by  the 
HP  signal  analyzer.  The  analyzer  was  also  used  to  process  the  force  and  acceleration  signals  to  calculate  accelerance  FRFs. 
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Figure  11.  Semi-active  tuned  PIA  vibration  absorber  experimental  setup 


Figure  12  shows  the  response  of  the  system  both  with  and  without  the  PIA  absorber  attached  to  the  clamped-clamped  beam. 
The  response  of  the  system  with  no  absorber  attached  has  a  prominent  structural  resonance  at  approximately  318  Hz.  Clearly, 
the  passive  PIA  significantly  reduced  the  structural  response  in  the  neighborhood  of  the  original  structural  resonance,  and  the 
frequency  at  which  minimum  structural  response  was  obtained  varied  with  the  value  of  the  electrical  shunt. 


Figure  1 2.  Structural  accelerance  for  structure  with  PIA  absorber 


In  addition  to  the  open  and  short  circuit  measurements  (i.e..  measurements  taken  for  tuning  ratios  of  0  and  respectively),  the 
accelerance  was  also  measured  for  a  tuning  ratio  of  1 .0.  The  response  for  a  =  1  defined  the  nominal  or  "control  off' 
condition.  In  practice,  a  nominal  disturbance  frequency  would  be  identified  and  the  mass  of  the  PIA  would  be  selected  such 
that  for  a=l,  minimal  structural  response  would  occur  at  the  nominal  disturbance  frequency. 

Next,  the  actuator  was  connected  to  the  tuning  circuit,  which  was  implemented  on  an  electronic  breadboard.  The  breadboard 
was  also  connected  to  the  real-time  control  computer  to  supply  PIA  voltage  and  PIA  current  estimates  and  receive  shunt 
control  voltages.  The  op-amps  and  relays  used  for  the  switching  circuit  were  powered  with  Hewlett  Packard  DC  power 
supplies. 

The  control  computer  used  for  the  experiments  was  a  100  MHz  Dell  Pentium.  The  Pentium  housed  a  dSPACE  DS1 102 
Floating-Point  Controller  Board  with  Texas  Instruments  TMS320P14  processor  chip.  The  two  A/D  channels  of  the 
controller  board  had  an  input  voltage  range  of  ±!0V  and  used  16-bit  converters.  The  D/A  channel  had  an  output  voltage  range 
of  ±10V  and  used  a  12-bit  convener.  MATLABs  Real-Time  Workshop  was  used  to  translate  a  SIMULINK  block  diagram 
into  C- code,  then  to  invoke  the  TI  C-compiler.  The  compiled  C-code  w'as  then  downloaded  to  the  processor  on  the  controller 
board.  The  controller  was  designed  and  set  to  sample  at  10  kHz  w'hich  adequately  accommodated  the  simulation  of  the  analog 
linear  filters. 

To  gain  a  more  accurate  estimate  of  the  passive  and  semi-active  response  of  the  system,  swept  sine  measurements  were  made 
between  300  Hz  and  350  Hz.  Note  that  the  sweep  rate  for  the  measurements  was  set  sufficiently  low  to  ensure  that  the  filters 
within  the  controller  had  time  to  settle  before  the  analyzer  moved  to  the  next  frequency  in  the  sweep. 

Figure  13  illustrates  the  effects  of  using  a  semi-active  piezoceramic  vibration  absorber  on  structural  accelerance  due  to  a 
varying-frequency  tonal  disturbance.  The  dotted  line  tn  Figure  13  is  the  passive  structural  accelerance  (i.e.,  structural  response 
with  a  constant  a  =  1 ).  The  solid  line  is  the  structural  accelerance  with  the  tuning  controller  turned  on  (i.e.,  structural 
response  with  a  variable  a).  The  changing  discrete  capacitances  are  evidently  effective  in  increasing  minimum  accelerance 
over  the  previously  defined  tuning  band.  In  addition,  structural  accelerance  at  frequencies  below'  the  short  circuit  frequency  of 
the  PIA  and  above  the  open  circuit  frequency  of  the  PIA  was  improved. 


Figure  14  shows  the  difference  (in  dB)  between  the  passive  and  active  responses.  Maximum  increases  in  performance  of  about 
20  dB  occurred  at  both  the  short  and  open  circuit  PIA  natural  frequencies.  On  average,  an  approximately  10  dB  increase  in 


performance  was  obtained  over  the  frequency  range  shown  (±7%  change  in  frequency  from  the  center  frequency  of  325  Hz).  A 
slight  decrease  in  performance,  however,  was  observed  in  a  small  frequency  range  in  the  center  of  the  tuning  band.  This  was 
attributed  to  the  fact  that  the  discretized  shunt  capacitance  was  not  quite  equal  to  the  PIA  capacitance  measured  at  constant 
stress  (Le.,  a  1 )  at  the  tuning  band  center  frequency. 
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Figure  14.  Active  vs  passive  structural  attenuation  performance 

Note  that  the  speed  of  the  control  system  was  limited  by  the  speed  of  the  filters  used  in  the  control  system.  The  electronics 
used  to  adjust  the  shunt  capacitance  operated  very  quickly  compared  to  the  filters.  Thus,  proper  tuning  was  achieved  as  soon 
as  the  filters  settled  and  the  proper  disturbance  frequency  was  estimated.  The  rate  of  re-tuning  due  to  a  change  in  disturbance 
frequency  was  limited  by  the  disturbance  frequency  estimation  method.  Small  changes  in  disturbance  frequency,  less  than 
about  11%  of  the  tuning  band,  were  effectively  compensated  in  less  than  60  milliseconds.  Detecting,  then  completely 
switching  the  absorber  from  short  to  open  circuit,  or  vice  versa,  required  less  than  250  milliseconds.  A  complete  discussion 
of  the  effects  of  control  speed  as  well  as  variations  due  to  changing  forcing  amplitudes  can  be  found  in  A  Tunable 
Piezoceramic  Vibration  Absorber ,  Ph.D.  thesis  by  Davis11. 

5.  CONCLUSIONS 

A  solid-state  tunable  semi-active  piezoceramic  vibration  absorber  was  developed.  Electrically  shunting  a  piezoelectric  inertial 
actuator  with  a  capacitive  electrical  impedance  changed  a  fraction  of  the  effective  net  stiffness  of  the  device,  thus  changing  the 
device’s  natural  frequency.  The  control  system  used  to  tune  the  PIA  monitored  the  voltage  and  current  produced  by  the  device 
to  estimate  a  tonal  structural  vibration  frequency  and  in  turn  adjust  the  net  discrete  shunt  capacitance  appropriately. 

The  semi-active  PIA  absorber  had  a  ±3.7%  tunable  frequency  band  relative  to  the  center  frequency.  Additional  attenuation 
effects  extended  beyond  ±7%  of  the  center  frequency.  Within  the  tuning  band,  increases  in  performance  beyond  passive 
performance  were  as  great  as  20  dB.  In  addition,  the  average  increase  in  performance  across  the  tunable  frequency  band  was 
over  10  dB. 

This  combination  of  tunable  vibration  absorber  and  active  tuning  method  has  several  features  that  distinguish  it  from,  and 
give  it  potential  advantages  over,  others  described  in  the  literature.  First,  it  is  a  piezoelectric-based  device.  Second,  it  uses 


capacitive  shunting  to  accomplish  an  effective  change  in  stiffness  Third,  it  is  less  complex  than  comparable  devices,  because 
it  is  completely  solid-state.  Fourth,  it  requires  no  additional  sensors,  as  the  voltage  and  current  signals  generated  in  the 
piezoelectric  elements  may  be  used  directly.  Fifth,  it  has  relatively  low  power  consumption  relative  to  other  PVA  tuning 
methods;  the  electrical  power  required  for  shunt  circuit  switching  is  far  less  than  the  power  required  for  driving  stepper- motors 
or  heating  viscoelastic  materials.  Furthermore,  the  tuning  controller  was  novel  in  that  it  could  be  implemented  as  a 
completely  solid-state  analog  system.  Achieving  this  would  require  performing  the  frequency  estimation  and  control  voltage 
calculation  in  hardware  instead  of  software  Frequency  estimation  could  be  accomplished  using  a  Phase-Locked  Loop  (PLL) 
circuit  PLLs  require  little  power,  react  quickly,  and  are  commercially  available  in  compact  integrated  circuit  packages. 
The  output  of  the  PLL  is  a  DC  voltage  directly  proportional  to  frequency,  thus  making  the  control  voltage  calculation  largely 
a  matter  of  scaling. 
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ABSTRACT 

A  shunting  method  has  been  developed  and  experimentally  verified  for  tuning  the  natural  frequency  and  damping  of  a 
piezoceramic  inertial  actuator  (PIA).  Without  power,  a  PIA  behaves  much  like  a  passive  vibration  absorber  (PVA).  PVAs 
typically  minimize  vibration  at  a  specific  frequency  often  associated  with  a  lightly  damped  structural  mode.  Large  response 
reductions,  however,  may  only  be  achieved  if  the  PVA  is  accurately  tuned  to  the  frequency  of  concern.  Thus,  an  important 
feature  of  a  PVA  is  the  ability  to  be  accurately  tuned  to  the  possibly  varying  frequency  of  a  target  vibration  mode.  Tuning  an 
absorber  requires  a  change  in  either  the  mass  or  stiffness  of  the  device.  The  electromechanical  properties  of  the  piezoceramic 
forcing  element  within  a  PIA  in  conjunction  with  an  external  passive  electrical  shunt  circuit  can  be  used  to  alter  the  natural 
frequency  and  damping  of  the  device.  An  analytical  model  of  a  PIA  was  created  to  predict  changes  in  natural  frequency  aid 
damping  due  to  passive  electrical  shunting.  Capacitive  shunting  alters  the  natural  frequency  of  the  actuator  only,  while 
resistive  shunting  alters  both  the  natural  frequency  and  damping  of  the  actuator.  Experiments  using  both  passive  capacitive 
and  passive  resistive  shunt  circuits  verified  the  ability  to  predictably  shift  the  natural  frequencies  of  the  piezoceramic  inertial 
actuator  by  more  than  5%. 

Keywords:  vibration  absorber,  tuning,  piezoelectric  ceramic,  shunting,  inertial  actuator 

1.  INTRODUCTION 

Vibrations  in  aerospace  structures  create  many  important  and  difficult  engineering  problems.  In  certain  aircraft  and  rotorcraft 
applications,  structural  vibrations  may  increase  interior  cabin  noise  levels  and/or  accelerate  material  fatigue.  Identifying  the 
sources  of  troublesome  vibrations  and  subsequently  developing  strategies  for  reducing  these  vibrations  has  been  and  continues 
to  be  the  focus  of  a  large  body  of  research. 

Interior  noise  levels  in  certain  propeller  driven  aircraft,  rotorcraft,  and  the  more  advanced  high-speed  turboprop  aircraft  are,  in 
general,  higher  than  desirable.  In  these  vehicles,  noise  is  generated  from  both  airborne  and  structure-bore  sources.  Airborne 
noise  arises  from  acoustic  sources  such  as  the  interaction  of  the  propeller  wake/vortex  with  the  aircraft  fuselage  or  the 
impingement  of  jet  exhaust  directed  at  the  fuselage.1,2  Structure-bome  noise  is  a  result  of  vibrations  from  the  engine  or 
vibrations  from  the  interaction  of  the  propeller  wake/vortex  with  the  wing  surface  being  transmitted  via  the  aircraft  structure 
to  the  main  cabin.3,4  In  addition,  the  flexible  attachment  of  the  rotor  blades  to  the  rotor  hub  and  gear  meshing  in  the  main 
rotor  gearbox  of  rotorcraft  may  also  generate  extremely  high  cabin  noise  levels.  Thus  with  many  of  the  sources  of  interior 
noise  identified,  the  problem  becomes  that  of  reducing  the  resulting  noise/vibration  levels  within  the  aircraft  or  rotorcraft 
cabin. 

Structural  acoustic  control  is  a  method  for  reducing  the  interior  cabin  acoustic  field  by  reducing  vibrations  due  to  external 
excitation  sources  before  they  propagate  to  and  excite  the  coupled  interior  structural  acoustic  modes  of  the  aircraft  fuselage. 
Direct  airborne  induced  disturbances  may  be  inhibited  from  propagating  to  the  fuselage  by  altering  the  stiffness  of  the  wing 
and  fuselage,5  by  adding  surface  damping  treatments  to  the  wing  and  fuselage,3,5  by  adding  blocking  masses  to  the  aircraft 
structure,3  by  using  passive  and  active  vibration  abosorbers, 3,5,6  by  using  resistively  shunted7,8  and  resonantly  shunted7,9 
piezoceramics,  or  by  using  active  vibration  control.  Vibrations  that  propagate  from  the  engine  may  be  reduced  by  passive  and 
active  isolation,  by  active  control,  and  by  passive4  and  active  vibration  absorbers.  Of  particular  interest  to  this  research  is  the 
use  of  passive  vibration  absorbers  for  structure-bome  noise/vibration  control. 
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Passive  vibration  absorbers  are  conceptually  simple  devices  consisting  of  a  mass  attached  to  a  structure  via  a  complex  spring. 
The  primary  function  of  these  devices  is  to  increase  the  dynamic  stiffhess  of  the  airframe  and  or  engine  mounts  of  an  aircraft. 
PVAs  are  typically  used  to  minimize  vibration  at  a  specific  frequency  often  associated  with  a  lightly  damped  structural  mode. 
For  the  device  to  operate  at  the  correct  frequency,  the  mass  and  stiffness  must  be  chosen  correctly  so  as  to  tune  the  actuator  to 
the  frequency  of  the  offending  mode  or  disturbance.  The  fact  that  a  PVA  may  only  be  used  at  a  specific  frequency,  however, 
can  sometimes  be  the  largest  drawback  of  using  these  devices. 

Passive  vibration  absorbers  have  been  used  in  the  aviation  industry  for  quite  some  time.  For  example,  the  DC-9  uses  a  set  of 
four  PVAs  attached  to  each  engine  pylon4  to  reduce  the  aft  cabin  noise  associated  with  the  operating  spool  frequency  of  the 
engines.  Similarly,  boA  the  Fokker  F2710  and  the  Saab  340"  aircraft  use  PVAs  attached  directly  to  the  fuselage  frame  to 
lower  interior  cabin  noise  levels.  In  these  applications,  the  absorbers  provide  adequate  vibration  attenuation  at  specific 
frequencies.  Performance  can  be  seriously  degraded,  however,  if  the  disturbance  source  changes  frequency-.  If  this  occurs.  Ac 
PVA(s)  must  be  physically  re-tuned.  Re-tuning  Ae  absorberfs)  may  often  be  eiAer  impractical  or  impossible,  hence  Acre  is 
a  need  for  a  vibration  absorber  wiA  properties  that  are  easy  to  alter. 

The  purpose  of  Ais  research  was  to  develop  a  straightforward  meAod  for  tuning  a  vibration  absorber.  This  was  accomplished 
by  electrically  shunting  a  piezoceramic  inertial  actuator.  In  Ae  passive  sense,  an  inertial  actuator  behaves  much  like  a  PVA. 
This  work  exploits  the  frequency  dependent  properties  of  shunted  piezoceramic  forcing  elements  within  Ae  PIA  by  using 
Aem  (i.e.,  the  piezo  elements)  as  variable  stiffhess  complex  springs. 

2.  BACKGROUND 


A  model  was  created  to  gam  insight  into  Ae  effects  of  shunting  a  piezoceramic  inertial  actuator.  First,  a  single  degree-of- 
freedom  (DOF)  structure  and  absoiber  model  were  created.  Next,  Ae  absorber  model  was  altered  to  incorporate  Ae  effects  of 
the  piezoceramic  forcing  element  of  Ae  inertial  actuator.  Finally,  Ae  electro-mechanical  dynamics  of  Ae  passively  shunted 

piezoceramic  were  added  to  Ae  model  to  create  Ae  desired  frequency  dependent  effects 


Consider  a  damped  vibration  absorber  attached  to  a  single  DOF  system,  as  shown  in  Figure  1(a).  Let  m,  and  k,*  represent  Ae 
effective  mass  and  complex  stiffhess  of  Ae  structure  respectively  and  m,  and  k,*  represent  Ae  mass  and  complex  stiffhess  of 
Ae  absorber  respectively. 


(a) 


* 

frequency 


(b) 


Figure  1 .  (a)  PVA  attached  to  single  DOF  system,  (b)  Sample  frequency  response  function  for  the  combined  system 

Equation  (1)  represents  the  ratio  of  the  structural  displacement,  X,,  to  the  base  disturbance  displacement,  Xl0,  in  the  Laplace 
domain  (Note,  the  stiffhess  terms  k4  and  k,  are  the  real  parts  of  the  complex  stiffnesses,  k,*  and  k**  respectively;  damping 
was  assumed  to  be  small  and  was  removed  to  simplify  the  analysis). 


The  magnitude  of  the  ratio  of  the  structural  displacement  to  the  base  disturbance  displacement  is  shown  by  the  dashed  line  in 
Figure  1(b).  The  natural  frequency  of  the  structure,  cos,  is  directly  proportional  to  the  square  root  of  the  quantity  kj/m,. 
Equation  2  represents  the  dynamics  of  combined  absorber/structure  system  in  the  Laplace  domain.  If  kt  is  chosen  in  such  a 
way  that  the  natural  frequency  of  the  absorber  is  equal  to  the  natural  frequency  of  the  structure  and  the  damping  is  adjusted 
appropriately,  then  it  is  possible  to  obtain  a  system  response  similar  to  the  solid  line  shown  in  Figure  1(b).  Notice  that  it  is 
possible  to  have  an  increase  in  response  when  the  absorber  is  attached  to  the  system  and  the  input  disturbance  frequency 
deviates  from  a>s. 


2^1  = _ m«V2+k,ks _  (2) 

Xin(s)  msmsj4  +(m4(k8  +ks)+mska)s2  +kaks 

Next  consider  a  simple  model  of  a  piezoceramic  inertial  actuator,  as  shown  in  Figure  2.  Like  PVAs,  inertial  actuators  consist 
of  passive  mass  and  complex  stiffness  elements.  The  difference  between  the  two  devices  is  the  inclusion  of  a  forcing  element, 
Fp,  in  parallel  with  the  complex  spring  of  the  inertial  actuator.  The  most  common  form  of  inertial  actuator,  the  voice-coil 
actuator,  utilizes  a  coil  and  moving  magnet  for  a  forcing  element.  Recently,  however,  a  new  class  of  inertial  actuator  has 
been  developed  based  on  dual-unimorph  displacement  amplification  of  a  piezoceramic  forcing  element.12,13 
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Figure  2.  Inertial  actuator  attached  to  a  single  DOF  structure  model 

Piezoceramic  materials  are  capable  of  producing  large  forces  but  relatively  small  displacements  (strains).  The  practical 
implementation  of  piezoceramics  for  actuation  usually  requires  some  form  of  piezoceramic  strain  amplification.  Unimorph 
amplification  is  achieved  by  attaching  one  side  of  a  piezoceramic  plate  or  disk  to  a  stiff  cap  (Figure  3(a)).  The  in-plane 
displacement  of  the  piezoceramic  causes  the  cap  to  displace  in  the  transverse  direction.  The  resulting  transverse  cap 
displacement  is  comparatively  larger  than  the  in-plane  piezo  displacement.  Dual-unimorph  amplification  refers  to  placing  two 
unimorphs  in  series  in  order  to  double  the  displacement  amplification  effect,  as  shown  in  Figure  3(b). 


rbase  or  cap 
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(a)  unimorph  (b)  dual-unimorph  inertial  actuator 

Figure  3.  Unimorph  actuation  and  the  dual-unimorph  inertial  actuator 


At  this  point,  it  is  desirable  to  couple  the  electro-mechanical  dynamics  of  the  piezo  elements  to  the  mechanical  dynamics  of 
the  PIA.  To  do  this,  the  following  forms  of  the  piezoceramic  constitutive  equations  were  used: 


(3) 


Fp  =  ksc(X,-Xs)  +  d3IkscV 
I-d31k^(Xt-Xl)-Cj*V 


(4) 


where  Fp,  V,  and  I  are  the  force,  voltage,  and  current  respectively  in  the  piezoceramic  material.  X,  and  X,  are  the  displacements 
of  masses  m,  and  mb  respectively,  s  is  the  Laplace  parameter  (s=ico).  kv.  is  the  short  circuit  stiffness  of  the  piezoceramic.  d3, 
is  the  piezoceramic  charge  coefficient,  and  CrT  is  the  capacitance  of  the  piezoceramic  measured  under  constant  stress 
conditions.  Equations  (3)  and  (4)  were  coupled  with  the  equation  of  motion  for  the  PIA  model  shown  in  Figure  2,  namely: 


nvJX,=-l<,(Xa-Xs)-Fp  (5) 

The  result  is  an  expression  for  the  ratio  of  the  absorber  mass  displacement.  X„  to  the  structural  displacement,  X ,  in  the 
Laplace  domain:  '  * 


X,(s)  ka  +  k*f 
Xs(j)  mas2  +  ka  +  k[c 


(6) 


In  Equation  (7),  k«*  is  a  frequency  dependent  (and  potentially  complex)  stiffness  of  the  form: 


k  sr  k 
*tc  Ksc 


1  +  k: 


1  +  a(s) 


(7) 


where  the  piezo  coupling  coefficient  is  k^2  =  d3,2  ky/Cj,1  and  a(s)  is  the  ratio  of  the  electrical  impedance  of  the  open  circuit 
piezo  capacitance,  ZK(s),  to  the  electrical  impedance  of  the  external  shunt  circuit  Z ^(s).  The  electrical  impedance  of  the  open 
circuit  piezo  measured  under  constant  stress  mechanical  conditions,  ZK(s),  can  be  expressed  as: 

Zoc  (J)=-pr  (8) 

jcp 


The  a(s)  term  in  Equation  (7)  allows  the  effective  piezoceramic  stiffness,  k^*,  to  be  tuned  by  changing  the  electrical 
impedance  of  the  external  shunt  circuit.  In  the  next  section,  tw  o  types  of  shunting  will  be  examined  analytically:  capacitive 
and  resistive.  In  each  case,  the  goal  is  to  determine  the  effect  of  varying  the  electrical  shunt  condition  on  the  natural  frequency 
and  modal  damping  of  the  passive  PIA  model. 

3.  ANALYTICAL  SHUNTING  ANALYSIS 

Equation  (6)  describes  the  response  of  a  single  DOF  piezoceramic  inertial  actuator  due  to  an  input  structural  displacement 
disturbance  as  a  function  of  the  variable  piezo  stiffness,  klc*.  By  varying  the  impedance  of  an  external  shunt  circuit,  the 
natural  frequency  and,  in  some  cases,  the  modal  damping  of  the  piezoceramic  inertial  actuator  will  vary.  The  objective  of  the 
investigation  described  in  this  section  was  to  gain  insight  into  the  effects  of  capacitive  and  resistive  shunting  on  natural  the 
frequency  and  modal  damping  of  a  hypothetical  PIA. 

First,  consider  capacitively  shunting  the  piezoceramic  element  of  the  PIA.  Recall  the  expression  for  the  ratio  of  open  circuit 
electrical  impedance  of  the  piezoceramic  to  the  electrical  shunt  impedance  (cx^ZJsyZ^))  in  Equation  (7).  The  electrical 
impedance  of  the  shunt  capacitor  is: 


Zsh  «« 


sC 


sh 


(9) 


Thus,  a (s)  is  equal  to: 


(10) 


Equation  (7)  is  now  a  purely  real  stiffness  that  varies  with  a  change  in  shunt  capacitance.  Notice  that  for  a  very  large  shunt 
capacitance  (i.e.,  approximately  a  short  circuit  electrical  shunt  condition),  approaches  the  nominal  short  circuit  stiffness 
of  the  piezoceramic,  k*.  Conversely,  as  the  shunt  capacitance  becomes  much  smaller  than  the  capacitance  of  the  piezoceramic 
(/>.,  approximately  an  open  circuit  electrical  shunt  condition),  k*.*  approaches  a  value  of  kjl+kp2).  For  a  planar  piezo 
coupling  coefficient  of  0.6,  the  open  circuit  (/.e.,  small  shunt  capacitance)  piezo  stiffness  will  be  approximately  36%  stiffer 
than  the  short  circuit  case. 

Figure  4  illustrates  the  effect  of  varying  the  shunt  capacitance  on  the  natural  frequency  of  a  representative  PIA.  When  Csh  is 
very  small  compared  to  CPT  (/.e.,  approaching  open  circuit)  the  natural  frequency  of  the  device  is  approximately  4.5%  larger 
than  the  short  circuit  natural  frequency  (i.e.,  when  is  very  large  compared  to  CpT).  Because  the  shunt  capacitor  is  a  purely 
reactive  element,  there  are  no  loss  terms  and  thus  no  change  in  damping. 


Figure  4.  Capacitive  shunting  effect  on  the  natural  frequency  of  the  PIA  model 


Next,  consider  resistive  shunting  of  the  piezo  element  of  the  PIA.  In  this  case,  the  electrical  impedance  of  the  shunt  resistor 
is  simply: 


Thus,  a(s)  is  equal  to: 


Zsh(s)  =  Rsh 


(11) 


a(s)  = 


1 

5RShCp 


(12) 


Define  the  natural  frequency,  u>rc,  of  the  RC-circuit  corresponding  to  the  combination  of  the  shunt  resistance  and  the  piezo 
capacitance  as: 


RshC 


(13) 


The  effective  piezo  stiffness,  k**  may  then  be  expressed  in  a  complex  form  in  terms  of  the  ratio  of  shunt  circuit  natural 
frequency  to  input  frequency  ((oJa)  as  follows: 


k  —  k 

ASf  *sc 


(14) 


The  real  part  of  k*.*  (i.e.,  the  storage  modulus)  has  the  same  dependence  on  the  tuning  ratio  as  kw*  has  on  the  capacitance 
ratio  in  the  capacitive  shunting  case.  Furthermore,  resistive  elements  also  increase  energy  dissipation.  Thus,  for  the  resistive 
shunting  case,  additional  damping  may  be  introduced. 

Figure  5  illustrates  the  effect  of  resistive  shunting  on  the  natural  frequency  and  modal  damping  ratio  of  the  PIA  model. 
Notice  that  a  tuning  ratio  of  1  corresponds  to  maximum  system  modal  damping.  Thus,  both  the  natural  frequency  and 
damping  of  the  passive  PIA  can  be  tuned  using  the  shunt  resistance. 


Figure  5.  Resistive  shunting  effects  on  natural  frequency  and  modal  damping  ratio  of  the  PIA  model 


In  the  next  section,  experimental  results  are  presented  that  show  the  effects  of  capacitive  and  resistive  shunting  on  the  natural 
frequency  and  modal  damping  ratios  of  a  prototype  piezoceramic  inertial  actuator. 

4.  EXPERIMENTAL  SHUNTING  RESULTS 

A  series  of  tests  were  performed  to  measure  the  natural  frequency  and  modal  damping  ratio  of  a  passive  PIA.  The  tests 
conducted  involved  measuring  the  ratio  of  the  acceleration  of  the  actuator’s  reaction  mass  to  the  acceleration  of  the  actuator’s 
base  for  a  variety  of  passive  resistive  and  passive  capacitive  shunt  circuits. 

Figure  6  illustrates  the  experimental  setup.  A  shaker  was  used  to  excite  the  actuator  and  two  accelerometers  were  used  to 
measure  the  actuator  base  (input)  and  reaction  mass  (output)  accelerations.  The  acceleration  of  the  base  of  the  actuator  could 
not  be  measured  directly,  but  a  reference  accelerometer  was  mounted  very  close  to  the  base  of  the  actuator  on  a  short 
aluminum  bar  also  attached  to  the  shaker.  The  flexibility  of  the  aluminum  bar  limited  the  frequency  range  of  the  experiments 
because  above  approximately  2.0  kHz,  the  reference  acceleration  began  to  lag  die  mounting  base  acceleration. 
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Figure  6.  Experimental  setup 


Frequency  response  measurements  were  taken  in  the  frequency  range  from  0  to  2000  Hz  and  averaged  30  times.  Figure  7 
illustrates  a  typical  passive  PIA  frequency  response  function  (FRF).  The  actuator  was  connected  to  a  solderless  breadboard 
where  variable  resistors  or  individual  capacitors  were  used  as  shunt  circuit  elements.  Resonant  frequencies  and  modal  damping 
ratios  for  the  first  mode  of  the  actuator  were  calculated  from  ^-domain  curve  fit  estimates  of  the  experimental  FRFs. 


Figure  7.  Sample  experimental  acceleration  ratio  frequency  response  function 


Figure  8  illustrates  the  effects  of  capacitive  shunting  on  both  the  actuator’s  fundamental  natural  frequency  and  the  actuator’s 
fundamental  modal  damping  ratio.  Note  that  the  abscissa  of  the  capacitive  shunting  plots  represents  the  ratio  of  shunt 
capacitance  to  actuator  capacitance  (the  actuator  capacitance,  CPT,  was  approximately  58  nF).  In  Figure  8,  at  very  low  values 
of  capacitive  shunt  ratio  (i.e.,  close  to  open  circuit  electrical  conditions)  the  fundamental  natural  frequency  is  approximately 
258  Hz.  As  the  shunt  ratio  increases,  the  fundamental  natural  frequency  decreases,  and  as  Csh/CPT  approaches  infinity,  the 
natural  frequency  asymptotically  approaches  a  value  of  approximately  244  Hz  (over  a  5%  change  in  natural  frequency  from 
short  circuit  to  open  circuit  condition).  Figure  8  also  illustrates  the  effect  of  varying  the  shunt  capacitance  on  the 
fundamental  modal  damping  ratio.  From  the  data,  it  appears  that  as  the  piezo  becomes  less  stiff,  there  is  a  corresponding 
increase  in  modal  damping  ratio.  Thus,  the  fundamental  modal  damping  ratio  ranges  from  roughly  3.2%  for  the  open  circuit 
case  (CyCpT  very  small)  to  approximately  4.0%  for  the  short  circuit  case  (CJCpr  very  large).  One  explanation  for  the 


increase  in  the  fundamental  mode’s  modal  damping  ratio  from  open  circuit  to  short  circuit  is  that  as  the  piezo  becomes  less 
stiff  with  increasing  shunt  capacitance,  a  larger  fraction  of  strain  energy  is  imparted  to  the  lossy  material  included  in  the 
actuator,  thus  raising  the  modal  damping  ratio. 
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Figure  8.  Experimental  capacitive  shunting  results 

Figure  9  illustrates  the  effects  of  resistive  shunting  on  both  the  fundamental  natural  frequency  and  the  modal  damping  ratio  of 
the  PIA.  Note  that  the  abscissa  of  the  resistive  shunting  plots  represents  the  ratio  of  the  shunt  circuit  electrical  natural 
frequency  to  the  fundamental  dynamic  short  circuit  resonance  frequency'  of  the  actuator.  For  very  small  tuning  ratios  (i.e., 
approximately  open  circuit  electrical  conditions)  the  natural  frequency  of  the  fundamental  mode  of  the  actuator  is 
approximately  257  Hz.  For  very  large  tuning  ratios  (z.e.,  approximately  short  circuit  electrical  conditions)  the  natural 
frequency  of  the  fundamental  mode  of  the  actuator  is  approximately  243  Hz  (over  a  5%  change  in  natural  frequency  from  short 
circuit  to  open  circuit  condition).  A  transition  region  exists  between  the  open  and  short  circuit  limits.  The  mid-range  of  this 
transition  occurs  for  a  tuning  ratio  of  approximately  1.0.  As  in  the  capacitive  shunting  case,  there  is  a  transition  from  the 
open  circuit  (small  tuning  ratio)  modal  damping  ratio  of  approximately  3.2%  to  the  short  circuit  (large  tuning  ratio)  modal 
damping  ratio  of  approximately  4.0%.  However,  for  a  tuning  ratio  of  slightly  greater  than  one,  the  modal  damping  ratio 
peaks  at  about  7%. 
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Figure  9.  Experimental  resistive  shunting  results 
5.  CONCLUSIONS 

A  shunting  method  for  tuning  the  natural  frequency  and  modal  damping  ratio  of  a  piezoceramic  inertial  actuator  has  been 
developed.  Shunting  the  actuator  with  a  capacitor  alters  the  stiffness  of  the  piezoceramic  forcing  element,  thus  changing  the 


natural  frequency  of  the  device.  Very  large  values  of  shunt  capacitances  (compared  to  the  clamped  capacitance  of  the 
piezoceramic  forcing  elements)  correspond  to  a  short  circuit  electrical  boundary  condition,  while  very  small  shunt  capacitances 
correspond  to  an  open  circuit  condition  and  have  the  effect  of  stiffening  the  piezo  elements,  in  some  cases,  by  more  than  a 
factor  of  1/3.  Large  shunt  resistances  have  the  same  effect  on  piezo  stiffness  as  small  shunt  capacitances  and,  conversely, 
small  shunt  resistances  have  the  same  effect  as  large  shunt  capacitances.  In  addition,  if  the  shunt  resistance  is  chosen 
properly,  such  that  the  resonance  frequency  of  the  RC-circuit  matches  the  mechanical  vibration  frequency  of  the  PIA,  damping 
may  be  significantly  increased. 

With  the  knowledge  of  the  effects  of  capacitive  and  resistive  shunting  on  both  natural  frequency  and  modal  damping  ratio  of 
the  passive  PIA,  it  is  conceivable  to  “coarse-  tune”  the  actuator  to  a  troublesome  frequency  by  choosing  an  appropriate 
reaction  mass  and  then  “fine-tune”  the  actuator  via  capacitive  or  resistive  shunting.  In  doing  so,  it  may  be  possible  to 
maintain  a  high  degree  of  narrow-band  vibration  attenuation  by  keeping  the  PIA  accurately  tuned  to  the  proper  frequency. 
Because  this  approach  is  based  on  the  use  of  passive  electrical  elements,  it  could  also  be  readily  used  for  on-line  adjustment  of 
an  actuator  to  track  a  changing  problem  frequency. 
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ABSTRACT 

A  finite  element  for  planar  beams  with  active  constrained  layer  damping  treatments  is  presented.  Features  of  this  non-shear 
locking  element  include  a  time-domain  viscoelastic  material  model,  and  the  ability  to  readily  accommodate  segmented  (i.e. 
non-continuous)  constraining  layers.  These  features  arc  potentially  important  in  active  control  applications:  the  frequency- 
dependent  stiffness  and  damping  of  the  viscoelastic  material  directly  affects  system  modal  frequencies  and  damping;  the  high 
local  damping  of  the  viscoelastic  layer  can  result  in  complex  vibration  modes  and  differences  in  the  relative  phase  of  vibration 
between  points;  and  segmentation,  an  effective  means  of  increasing  passive  damping  in  long-wavelength  vibration  modes, 
affords  multiple  control  inputs  and  improved  performance  in  an  active  constrained  layer  application.  The  anelastic 
displacement  fields  (ADF)  method  is  used  to  implement  the  viscoelastic  material  model,  enabling  the  straightforward 
development  of  time-domain  finite  elements.  The  performance  of  the  finite  element  is  verified  through  several  sample  modal 
analyses,  including  proportional-derivative  control  based  on  discrete  strain  sensing.  Because  of  phasing  associated  with  mode 
shapes,  control  using  a  single  continuous  ACL  can  be  destabilizing.  A  segmented  ACL  is  more  robust  than  the  continuous 
treatment,  in  that  the  damping  of  modes  at  least  up  to  the  number  of  independent  patches  is  increased  by  control  action. 


L  INTRODUCTION  AND  BACKGROUND 

ACTIVE  CONSTRAINED  LAYER  DAMPING  TREATMENTS 

A  number  of  researchers  have  explored  the  potential  effectiveness  and  optimization  of  active  constrained  layer  (ACL)  damping 
treatments.  An  ACL  treatment  parallels  that  of  a  conventional  passive  constrained  layer  treatment,  consisting  of  a  layer  of 
high  damping  viscoelastic  material  (VEM)  sandwiched  between  a  base  structure  and  a  constraining  layer.  In  the  passive  case, 
the  constraining  layer  serves  to  develop  high  shear  strain  energy  in  the  lossy  viscoelastic  layer.  In  the  active  case,  the 
dimensions  of  the  constraining  layer  can  be  actively  modified  to  further  enhance  the  shear  in  the  viscoelastic  layer. 

Research  efforts  on  active  constrained  layer  damping  treatments  can  be  distinguished  on  the  basis  of  several  features,  including 
the  following: 

1)  the  specific  ACL  configuration  and  materials  considered; 

2)  assumptions  underlying  the  governing  equations  (e.g.t  shear,  rotatory  inertia); 

3)  method  used  to  model  viscoelastic  material  (damping)  behavior; 

4)  control  approach; 

5)  response  solution  method  (i.e.,  analytical,  Galerkin,  finite  elements);  and 

6)  optimization  of  ACL  placement,  number,  and  sizing. 

Plump  and  Hubbard  (1986)  developed  a  6th  order  governing  PDE  for  an  active  constrained  layer  damper  (PVDF  constraining 
layer),  using  a  complex  modulus  approach  for  the  viscoelastic  material.  No  analysis  or  experimental  results  were  presented. 

Baz  and  Poh  (1988)  investigated  the  effects  of  the  bonding  layer  on  active  control  effectiveness,  without  considering  the 
damping  properties  of  the  bonding  layer.  In  subsequent  work,  Baz  (1993)  and  Baz  and  Ro  (1994a)  proposed  an  ACL  with  an 
additional  piezoelectric  sensor  layer  between  the  base  structure  and  the  VEM.  A  complex  modulus  approach  was  evidently 
used  to  model  VEM  behavior  in  this  work.  Using  proportional  control,  the  performance  of  the  ACL  was  compared  to  that  of 
a  passive  constrained  layer  (PCL)  treatment.  In  later  work,  Baz  and  Ro  (1994b)  investigated,  both  theoretically  and 
experimentally,  combined  proportional  and  derivative  (PD)  control  along  with  a  spatially-varying  piezoelectric  sensor,  and 
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demonstrated  good  broadband  vibration  attenuation  capability.  Baz  and  Ro  (1995a)  also  developed  a  beam  finite  element 
model,  and  selected  PD  control  gains  (full  state  feedback)  based  on  a  linear  quadratic  regulator  (LQR)  performance  index.  The 
thickness  and  shear  modulus  of  the  viscoelastic  layer  were  optimized  to  maximize  damping  with  minimum  mass  addition.  A 
plate  finite  element  model  was  developed  by  Baz  and  Ro  (1995b)  and  theoretical  and  experimental  results  (natural  frequencies 
and  damping)  were  compared  for  PD-control  and  a  single  partial-coverage  ACL  treatment. 

Leibowitz  and  Vinson  (1993)  presented  a  concept  for  an  ACL  configuration  and  developed  the  governing  equations  using  an 
energy  method.  The  viscoelastic  material  was  modeled  using  a  complex  modulus  approach.  They  proceeded  to  investigate  the 
performance  of  an  ACL  on  a  beam  using  partial  coverage,  and  reported  the  results  of  parametric  studies,  concluding  that  an 
ACL  could  outperform  a  purely  passive  constrained  layer  treatment. 

Agnes  and  Napolitano  (1993)  suggested  that  an  ACL  could  combine  the  advantages  of  both  passive  and  active  vibration 
control  approaches.  VanNostrand,  Knowles,  and  Inman  (1994)  developed  a  beam  finite  element  model,  using  the  ATF  time- 
domain  modeling  method  (Lesieutre  and  Mingori,  1990;  Lesieutre  1992)  to  capture  the  frequency-dependent  behavior  of  the 
viscoelastic  material.  In  subsequent  research,  VanNostrand,  Knowles,  and  Inman  (1993)  experimentally  investigated  the 
effects  of  VEM  stiffness  on  ACL  effectiveness,  as  well  as  the  implications  of  sensor  type  on  control  structure.  Lam, 
Saunders,  and  Inman  (1995)  investigated  the  use  of  the  GHM  method  (Golla  and  Hughes,  1985;  McTavish  and  Hughes,  1993) 
to  model  VEM  behavior. 

In  a  series  of  paper,  Shen  (1994,  1995a,  1995b,  1996)  investigated  several  aspects  of  ACL  treatments,  with  emphasis  on 
performance,  controllability,  and  stability.  In  contrast  to  Baz,  Shen  considered  the  use  of  a  point  strain  sensor  rather  than  a 
sensing  layer.  Composite  beam  and  plate  models  were  developed,  using  a  complex  modulus  approach  to  model  VEM 
behavior.  Numerical  response  results  were  obtained  using  a  Galerkin  discretization  approach.  From  experiments,  Shen 
reported  that  a  single  ACL  treatment  was  ineffective  in  controlling  bending  and  torsional  vibration  simultaneously,  and  that 
cracks  in  the  PZT  piezoelectric  constraining  layer  resulted  in  noisy  signals. 

Azvine,  Tomlinson,  and  Wynne  (1995)  considered  an  ACL  concept  in  which  the  piezoelectric  actuator  is  bonded  to  (not 
replacing)  the  constraining  layer.  They  used  a  complex  modulus  approach  to  model  the  VEM,  and  investigated  the  effect  of 
ACL  location  on  modal  damping  of  a  cantilevered  beam  using  a  control  signal  proportional  to  the  tip  velocity.  Veley  and 
Rao  (1995)  developed  a  finite  element  model  by  combining  a  piezoelectric  element  and  a  constrained  layer  damping  element, 
retaining  both  mechanical  and  electrical  DOFs.  They  investigated  optimal  ACL  placement  using  a  PD  control  approach. 

Nath  and  Wereley  (1995)  investigated  the  application  of  an  ACL  to  rotorcraft  flex  beams,  the  goal  being  to  enhance  lag  mode 
damping.  They  developed  a  differential  equation  model  for  a  completely-treated  beam,  with  special  attention  to  the  boundary 
conditions.  Frequency  response  methods  were  used  to  study  the  steady-state  performance  of  the  ACL  system,  based  on  a 
frequency-dependent  complex  shear  modulus  model  of  the  viscoelastic  material. 

Liao  and  Wang  (1995,  1996a)  considered  the  ACL  approach  in  the  context  of  active-passive  hybrid  structures,  with  the  goal  of 
preserving  the  advantages  of  fully  passive  (stable,  fail-safe,  no  power)  and  fully  active  (high  performance)  systems.  They 
developed  a  mathematical  model  of  a  beam  with  a  partial-coverage  ACL  treatment,  using  the  GHM  method  to  model  VEM 
behavior.  Galerkin's  method  to  discretize  the  governing  equations,  and  an  LQR  optimal  control  law  to  obtain  control  gains  for 
a  specified  performance  index.  They  investigated  the  effects  of  the  VEM  on  control  authority  and  identified  situations  in 
which  an  ACL  may  perform  better  than  purely  passive  or  active  systems.  In  recent  research.  Liao  and  Wang  (1996b) 
suggested  a  way  to  increase  active  control  transmissibility  by  using  stiff  "edge  elements”  on  the  perimeter  of  the  ACL  to 
provide  a  parallel  load  path  to  the  base  structure.  Although  this  approach  is  likely  to  degrade  passive  performance,  it  may 
also  increase  reliability  by  preventing  delamination. 

In  summary,  numerous  researchers  are  investigating  the  utility  of  active  constrained  layer  damping  treatments.  Several  of 
these  researchers  have  used  finite  elements  in  their  work,  most  commonly  employing  a  complex  modulus  approach  as  a 
model  of  the  behavior  of  the  viscoelastic  layer.  Three  research  efforts  report  the  use  of  time-domain  methods  (ATF,  GHM)  to 
model  the  characteristic  frequency-dependent  behavior  of  the  viscoelastic  damping  layer;  two  of  these  used  beam  finite  element 
discretizations,  while  the  other  used  a  Galerkin  approach. 

Researchers  have  generally  addressed  the  use  of  a  single  active  constraining  layer  in  a  particular  application.  Segmentation  of 
the  constraining  layer  is  a  well-known,  effective  means  of  increasing  passive  damping  in  long-wavelength  vibration  modes 
(by  increasing  the  number  of  high-shear  regions),  but  its  use  has  not  yet  been  explored  in  an  ACL  configuration.  In  addition 
to  the  potential  passive  benefits,  segmentation  provides  the  possibility  of  additional  independent  control  inputs,  a  feature 
which  is  likely  to  improve  achievable  performance. 

The  objective  of  the  present  research  was  to  develop  an  ACL  beam  finite  element  that  would  be  useful  for  investigating  active 
constrained  layer  treatments.  To  facilitate  controls  synthesis,  this  model  was  required  to  be  formulated  in  the  time-domain, 
preferably  in  state-space  form,  with  the  possibility  of  segmentation  a  desirable  feature. 


’  ^COELASTIC  DAMPING  MATERIALS  AND  MODELS 

Tr<£  mechanical  properties  of  the  "damping  materials"  used  in  passive  constrained  layer  damping  treatments  are  often  sensitive 
to  frequency,  temperature,  type  of  deformation,  and  sometimes  amplitude  (Nashif,  Jones,  and  Henderson,  1985).  To  ensure 
design  adequacy,  performance  is  usually  analytically  evaluated  at  a  few  temperatures  that  span  the  expected  operating  range  of 
interest.  Material  properties  appropriate  to  each  temperature  of  interest  are  used  in  such  analyses.  For  operation  at  a  nearly- 
constant  temperature,  it  is  most  important  to  consider  the  dependence  of  stiffness  and  damping  properties  on  frequency;  over  a 
broad  frequency  range,  damping  can  vary  by  an  order  of  magnitude,  and  stiffness  by  several  orders  of  magnitude 

While  damping  models  currently  available  in  commercial  finite  element  software  (e.g.,  viscous  damping,  proportional 
damping,  hysteretic  or  structural  damping,  and  viscous  modal  damping  (via  the  modal  strain  energy  (MSE)  method  (Johnson, 
Keinholz,  and  Rogers,  1981))  do  provide  energy  dissipation,  in  general  they  are  not  physically  motivated  and  suffer  from 
various  limitations.  In  particular,  none  of  these  captures,  in  a  time-domain  model,  the  frequency-dependent  behavior 
characteristic  of  real  materials.  Furthermore,  such  issues  of  model  fidelity  are  especially  important  in  control  applications. 

Dissatisfaction  with  available  damping  modeling  techniques  has  motivated  considerable  research  on  the  subject  of  time- 
domain  methods  that  capture  the  essential  frequency  dependence  of  viscoelastic  material  properties  and  that  are  compatible 
with  current  structural  finite  element  analysis  techniques.  This  research  can  be  broadly  classified  into:  1)  those  that  use 
fractional  time  derivatives  to  model  material  relaxation  behavior;  and  2)  those  that  use  integer  time  derivatives.  Both  kinds  of 
approaches  have  advantages  and  disadvantages,  and  none  is  clearly  superior  to  others  in  all  cases. 

In  a  series  of  papers,  Bagley  and  Torvik  and  their  collaborators  (Bagley  and  Torvik,  1983,  1985;  Bagley  and  Calico,  1991) 
developed  a  fractional  derivative  model  of  viscoelastic  material  behavior  and  applied  it  to  a  number  of  structural  problems.  An 
important  feature  of  their  approach  is  the  ability  to  capture  the  relatively  weak  frequency  dependence  exhibited  by  many 
materials  using  just  a  few,  typically  four,  model  parameters.  This  feature  makes  the  fractional  derivative  model  especially 
useful  in  frequency-domain  analyses.  Frequency-domain  finite  elements  were  initially  developed  to  obtain  structural  responses 
for  load  histories  which  have  Laplace  transforms,  while  a  time-domain  version  with  fractional  state  equations  was  developed 
later.  In  the  time  domain,  the  presence  of  fractional  operators  makes  the  solution  of  structural  equations  more  pnmpHratwt 
than  it  is  for  those  involving  ordinary  differential  operators.  Enelund  and  Olsson  (1995)  proposed  using  a  different  form  of 
the  time-domain  equations  of  motion,  as  well  as  a  different  method  for  time  discretization.  This  solution  approach  requires 
that  a  truncated  time  history  be  retained  for  use,  in  effect  adding  coordinates  to  the  model. 

Structural  equations  with  time  domain  damping  models  involving  ordinary  integer  differential  operators  are  »«««•  to  solve 
than  those  involving  fractional  derivative  operators.  Several  of  these  kinds  of  models  have  been  proposed  in  the  literature, 
including  the  ATF/ADF  model  (Lesieutre  and  Mingori,  1990;  Lesieutre,  1992;  Lesieutre  and  Bianchini,  1995)  the  GHM 
model  (Golla  and  Hughes,  1985;  McTavish  and  Hughes,  1993),  and  Yiu's  model  (Yiu,  1993;  Yiu,  1994). 

The  augmenting  thermodynamic  fields  (ATF)  method  is  a  time-domain  continuum  model  of  material  damping  that  preserves 
the  characteristic  frequency-dependent  damping  and  modulus  of  real  materials — a  physically-motivated  model  compatible  with 
current  finite  element  structural  analysis  methods.  In  its  initial  development,  the  ATF  method  introduced  a  single 
augmenting  field  to  model  the  behavior  of  materials  and  structures  with  light  damping.  In  subsequent  work,  the  ability  to 
model  high-damping  materials  having  relatively  weak  frequency-dependence  was  developed,  using  multiple  ATFs.  However, 
this  early  work  was  effectively  limited  to  structural  members  under  uniaxial  stress  states,  such  as  bars  and  beams. 
Subsequently,  anelastic  displacement  fields"  (ADF),  special  kinds  of  ATF,  were  introduced.  Instead  of  addressing  physical 
damping  mechanisms  directly,  their  effects  on  the  displacement  field  were  considered.  The  ADF  method  has  several 
advantages  over  the  initial  ATF  method;  in  particular,  it  has  been  generalized  to  3-D  problems,  to  problems  involving 
temperature  dependence  (Lesieutre  and  Govindswamy,  1995),  and  to  problems  involving  non-linear  strain  dependence. 

The  GHM  model  and  Yiu  s  model  are  similar  in  several  ways  to  the  ADF  model.  All  yield  time-domain  viscoelastic  finite 
elements,  and  use  additional  coordinates  to  more  accurately  model  material  behavior.  The  ADF  method  differs  in  that  it 
involves  a  direct  time-domain  formulation — not  transform— based,  and  yields  finite  elements  using  conventional  methods.  The 
"dissipation  coordinates”  of  the  GHM  method  are  internal  to  individual  elements,  while  the  "anelastic  displacement  fields"  of 
ADF  are  continuous  from  element  to  element,  reflecting  its  basis  as  a  field  theory.  The  "internal  unobservable  degrees  of 
freedom"  of  Yiu's  model  are  introduced  as  nodal  variables  using  an  analogy  with  a  generalized  lumped-parameter  Maxwell 
model.  Because  it  was  developed  explicitly  with  second-order  dynamics,  the  GHM  method  is  quite  compatible  with  current 
structural  analysis  methods,  and  has  proven  to  be  useful  in  practice.  Both  the  ADF  and  Yiu's  models  may,  however,  also  be 
readily  expressed  in  second-order  form.  Although  the  second-order  form  of  a  GHM  ("mini-oscillator")  model  can  permit 
unrealistic  material  behavior,  difficulty  can  be  avoided  by  proper  selection  of  material  model  parameters.  Yiu's  model  also 
assumes  a  single  loss  factor  for  all  material  moduli  (e.g.,  shear  and  bulk  for  an  isotropic  material) 

In  many  respects,  however,  finite  element  models  yielded  by  the  GHM  method  and  especially  Yiu's  method  are  quite  similar 
to  those  developed  using  ADF .  In  what  follows,  the  ADF  method  is  used  as  a  representative  time  domain  viscoelastic  model. 


2.  FINITE  ELEMENT  DEVELOPMENT 


ACTIVE  CONSTRAINED  LAYER  CONFIGURATION  AND  KINEMATIC  ASSUMPTIONS 

ACL  Configuration  and  Field  Variables.  Figure  1  illustrates  the  ACL  beam  configuration  under  consideration. 
There  are  three  components:  the  base  beam,  the  viscoelastic  layer,  and  the  piezoelectric  (ceramic)  constraining  layer;  quantities 
associated  with  each  of  these  layers  are  denoted  with  subscripts  "b, M  "v,  ”  and  "p,  ”  respectively.  Points  in  the  cross-section 
are  denoted  using  the  independent  coordinates  “x”  and  "z.”  with  the  origin  of  the  primary  coordinate  system  located  at  the 
center  of  the  left  end  of  the  base  beam,  and  secondary  coordinate  systems  located  at  the  bottom  of  each  of  the  layers. 


Figure  1 :  Active  Constrained  Layer  Configuration 


As  shown  in  Figure  2.  the  motion  of  points  in  the  system  is  described  using  the  following  dependent  fields:  the  lateral 
deflection  "w,”  the  longitudinal  displacement  "u, "  the  shear  angle  in  the  viscoelastic  layer  "/),  ”  and,  when  the  time-domain 

viscoelastic  model  is  included,  the  anelastic  part  of  the  shear  angle  in  the  viscoelastic  layer  “/J^ 


Figure  2:  Displacements  and  Sign  Conventions 
Assumptions.  The  model  is  based  on  the  following  assumptions: 

1 )  The  base  beam  is  elastic,  and  the  Bemoulli-Euler  bending  assumptions  are  valid  (transverse  shear  strain  is  negligible).  The 
lateral  displacement  of  the  middle  of  the  base  beam.  w(x,t),  is  shared  by  all  points  in  the  cross  section  (transverse  normal 
deformation  is  negligible,  and  rotations  are  small).  The  longitudinal  displacement  of  the  middle  of  the  base  beam  is  not 
required  to  be  zero  (bending  extension  coupling  is  included).  Transverse  and  rotatory  inertia  are  included. 

2)  The  viscoelastic  layer  is  lossy,  and  the  Bemoulli-Euler  assumptions  are  augmented  with  an  additional  shear  angle  associated 
with  non-negligible  transverse  shear.  An  anelastic  shear  angle  may  be  included  to  model  frequency-dependent  viscoelastic 
behavior.  Longitudinal  normal  strain  in  the  viscoelastic  layer  is  included.  Transverse  and  rotatory  inertia  are  included. 

3)  The  piezoelectric  constraining  layer  is  poled  through  the  thickness,  is  elastic,  and  the  Bemoulli-Euler  bending  assumptions 
are  valid.  The  rotations  of  constraining  layer  cross-sections  are  the  same  as  the  rotations  of  the  base  beam  at  the  same  x- 
coordinate.  The  layer  has  both  extensional  and  bending  stiffness.  Transverse  and  rotatory  inertia  are  included. 

Kinematics.  Figure  3  illustrates  the  nodal  degrees  of  freedom  (DOF)  of  the  finite  element  to  be  developed.  The  element 
has  length  " L. "  The  lateral  deflection,  w(x.t)  is  interpolated  using  a  cubic  polynomial  in  x,  allowing  element-to-element 
continuity  of  deflection  (w)  and  slope  (w\  or  longitudinal  displacement  u). 
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Figure  3:  Nodal  Degrees  of  Freedom  of  (a)  Elastic  and  (b)  Damped  ACL  Finite  Element 
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The  longitudinal  displacement  at  the  reference  axis,  u</x,t)  is  interpolated  with  a  quadratic  polynomial,  and  an  internal  node. 

Uo(x,/)  =  [Aru]{«}  (2) 
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Because  slope  (tO  and  longitudinal  displacement  (u)  are  interpolated  consistently,  the  element  will  not  shear  lock.  The  shear 
angle(s)  in  the  viscoelastic  (fi  (ft)  is/are  interpolated  consistent  with  u  and  w'. 
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Now,  the  model  displacements  may  be  explicitly  stated  in  terms  of  these  nodal  quantities  and  interpolation  functions. 

Base  Beam.  The  lateral  deflection  of  a  point  in  the  base  beam,  or  anywhere  on  the  cross-section,  is  given  by: 
tv  =  w(x,z,t)  =  w(x,t)  =  [Nw]{vv} 

The  longitudinal  displacement  of  a  point  in  the  base  beam  is  given  by: 

ub  =  Ub(x,z,t)  =  Uo(x,t)  -zw'(x,t)  =  [Wu]{w}  -  z  [K,]{vv} 


(4) 


(5) 


Viscoelastic  Layer.  The  longitudinal  displacement  of  a  point  in  the  viscoelastic  layer  is  given  by  the  following 
(note  that  /}  is  positive  in  the  same  direction  as  w').  6 

«v  =  «vU,z,f)  =  u0U,f)-2vv/(x,/)-zvj3U,0  =  K]{i7}-(^  +  zv)[Ar;]{Hr}-Zv[ArH]{?}  (6) 

Piezoelectric  Constraining  Layer.  The  longitudinal  displacement  of  a  point  in  the  constraining  layer  is 
given  as  follows.  Note  that  constraining  layer  may  be  segmented  by  not  enforcing  element-to-element  continuity  of  p. 

UP  =up(x’Z’t)  =  uo(x,t)-zw'(x,t)-hvf}(x,t)  =  [Nu]{u}-^  +  hv  +  z/>)[A^]{w'}-/tv  [#„]{/*}  (7) 

Strains.  Now  that  the  displacements  of  any  point  in  the  ACL  system  have  been  defined,  the  longitudinal  normal  and 
transverse  shear  strains  may  be  determined.  These  are  needed  in  strain  energy  expressions  to  develop  the  element  stiffness 
matrix.  Longitudinal  normal  strain  is  found  from: 

du 

(8) 


^XX  =  3 
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And  transverse  shear  strain  is  found  from: 


£xz  = 


du  dw 
dz  dx 


(9) 


Base  Beam.  The  longitudinal  normal  strain  at  a  point  in  the  base  beam  is  given  by  the  following.  The  transverse 
shear  strain  in  the  base  beam  is  negligible,  by  assumption. 
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Viscoelastic  Layer.  The  longitudinal  normal  strain  at  a  point  in  the  viscoelastic  layer  is  given  by: 

(e«)v=(*x,(*t«)v-[K]  -(4  +  2v)[C1  -2vK]]|{4j 

The  transverse  shear  strain  in  the  viscoelastic  layer  is  related  to  the  shear  angle: 
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Piezoelectric  Constraining  Layer.  The  longitudinal  normal  strain  at  a  point  in  the  piezoelectric  constraining 
layer  is  given  by  the  following.  The  transverse  shear  strain  is  negligible,  by  assumption. 
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STIFFNESS,  MASS,  AND  DAMPING  MATRICES;  LOAD  VECTOR 

* 

The  stiffness  and  mass  matrices  are  to  be  developed  using  energy  methods,  so  expressions  for  strain  and  kinetic  energy  arc 
required.  The  load  vector  associated  with  piezoelectric  forcing  is  to  be  developed  by  considering  virtual  work.  The  damping 
matrix  is  to  be  developed  using  the  ADF  method.  Note  that  the  energy  expressions  developed  could  also  be  used  to  derive 
governing  PDEs  and  boundary  conditions  using  Hamilton’s  Principle. 


Strain  Energy,  Stiffness  Matrix.  The  strain  energy  stored  in  a  deformed  ACL  beam  of  width  "b"  and  length  "L”  is 
given  by: 

U  =  U(t)  =  ± b[ q  Jz  |E(x,z)(exx(x,2.t))2  +  G(x,z)(£JCZ(jt,z,r))2|  dz  dx 

=  UE  +  UG  (l4) 

~  (UEb  +  UEv  +  UEp)  +  UGv 


noting  that  the  energy  can  be  divided  into  parts  associated  with  longitudinal  normal  deformation  (extension  and  bending)  and 
shear  deformation  and,  further,  into  parts  associated  with  each  component  of  the  ACL  system.  The  strain  energy  ?c<nriatH 
with  longitudinal  normal  deformation  of  the  base  beam  is  given  by: 

[{“}|T  [  KfK]  -zKfM  [o]l  [{«}' 
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The  strain  energy  associated  with  longitudinal  normal  deformation  of  the  viscoelastic  layer  is  given  by  the  following.  Note 
that  this  part  of  the  strain  energy  is  often  neglected. 

■{5)f  [  -*[«;]>;]  1  ,  , 

-(^+;.)(N:]r(N:]  (^+z.)V:]r[«:)  (^L+z,)!,(«;]rK]  *„*■{»}■  (16) 
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The  strain  energy  associated  with  longitudinal  normal  deformation  of  the  piezoelectric  constraining  layer  is  given  by: 

{S]]T  [  MrK]  1  . 

U*m$'  pj'  bEpIoloP  +  +  (%+Av+Zp)2 [^]Vw]  (^- + Av  +  Zp) Ay [Af' ]r[AT' ]  dzpdx  {w]  ^ 

[  -*vKfK]  (^+*v+Zp)/^K]>;]  Av2K]>i]  M 

And,  finally,  the  strain  energy  associated  with  shear  deformation  of  the  viscoelastic  layer  is  given  by: 

f{“>]r  [[0]  [0]  [0]  ]  [{u} 

^Gv  =  2“  ■  {W  '  i>Gv  Jo  Jo'  [0]  [0]  [0]  dzv  dx  -  {iv}  ■  (18) 
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Each  of  these  strain  energy  expressions  clearly  shows  the  contributions  of  each  to  the  elastic  element  stiffness  matrix. 

[AT]  =  [Ke  ]  +  [Kg  ]  =  ([  KEb  ] + [  KEv\ + [  +  [  KCv  ]  (19) 

Kinetic  Energy,  Mass  Matrix.  The  kinetic  energy  of  a  moving  ACL  beam  of  width  ”b"  and  length  "L"  is  given  by: 

T=T(t)=  ^ bj [q  lz  p(x,z)|(w(x,z,r))2  +  («(x,z,r))2  j  dz  dx 

=  Tw  +  Tu  (20t 
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noting  that  the  energy  pan  be  divided  into  parts  associated  with  transverse  motion  and  longitudinal  motion  and,  further,  into 
parts  associated  with  each  component  of  the  ACL  system.  Note  that  longitudinal  motion  includes  motion  often  associated 


with  “rotatory  inertia".  The  kinetic  energy  associated  with  transverse  motion  of  the  entire  ACL  system  is  given  by  the 
following,  where  the  density  and  thickness  have  been  assumed  uniform  over  the  length  of  the  element. 
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The  kinetic  energy  associated  with  longitudinal  motion  of  the  base  beam  is  given  by: 
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The  kinetic  energy  associated  with  longitudinal  motion  of  the  viscoelastic  layer  is  given  by: 
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And,  finally,  the  kinetic  energy  associated  with  longitudinal  motion  of  the  piezoelectric  constraining  layer  is  given  by: 
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Each  of  these  kinetic  energy  expressions  clearly  shows  the  contributions  of  each  to  the  element  mass  matrix. 


[M]  -  [Mw]  +  [Mu]  =  [AfM,]  +  ([Mufc]  +  [Muv\  +  \Mup^  (25) 

Piezoelectric  Forcing,  Load  Vector.  The  contributions  of  the  piezoelectric  forcing  to  the  element  load  vector  are 
found  by  considering  the  virtual  work  done  by  the  blocked  stresses  moving  through  a  virtual  displacement  of  the  ACL 
system.  The  blocked  (zero  strain)  longitudinal  normal  stress  in  a  piezoceramic,  poled  through  the  thickness,  is  given  by: 

iaxx  )p  =  (<7xx  =  ~e'  E3  (26) 


where  ef  is  a  piezoelectric  coefficient,  and  £j  is  the  electric  field  in  the  z-direction.  Note  that  the  electric  field  can  be 
expressed  in  terms  of  the  drive  voltage  and  the  thickness  of  the  piezoelectric  constraining  layer  as 


£3  =  E3(x,z,t)  =  E3(t)  = 
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(27) 


so  that  the  blocked  stresses  may  be  expressed  as: 


Finally,  the  virtual  work  of  the  blocked  stress  is  given  by: 
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This  work  expression  clearly  shows  the  contribution  of  piezoelectric  forcing  to  the  element  load  vector 
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Damping,  Additional  ADF  DOF  and  ADF  Evolution  Equations.  The  frequency-  or  time-dependent  behavior  of 
the  viscoelastic  material  can  be  captured  by  using  a  time-domain  model  such  as  the  ADF  method.  In  this  approach  the  total 
deformation  (shear  angle)  of  the  material  is  considered  to  be  the  sum  of  two  parts:  1)  an  elastic  part,  in  which  the  strain  is 
instantaneously  proportional  to  the  stress;  and  2)  an  anelastic  part,  which  captures  the  characteristic  relaxation  behavior. 


Wrote/  ^  Elastic Anelastic  {/*}  ~  {$*} +  {/**} 


(31) 


Note  that  the  entire  anelastic  displacement  field  itself  may  be  comprised  of  several  individual  fields.  This  possibility  is  useful 
in  modeling  the  behavior  of  materials  that  exhibit  relatively  weak  frequency-dependence.  In  a  finite  element  context,  the  total 
and  anelastic  fields  are  interpolated  identically,  introducing  additional  DOF  for  the  anelastic  displacements.  Since  the  kinetic 
energy  is  expressed  in  terms  of  the  total  motion,  it  is  unchanged.  The  elastic  displacements  that  appear  in  strain  energy 
expressions,  however,  are  replaced  by  the  difference  between  the  total  and  anelastic  displacements. 
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Finally,  an  additional  set  of  ordinary  differential  equations  (ODE)  that  describe  the  time  evolution  of  the  anelastic 
displacement  fields  must  be  developed.  They  have  the  following  general  form: 


(33) 


where  "{Kp]"  is  a  stiffness  matrix  that  appears  in  the  elastic  equations,  "c"  is  a  material  constitutive  coupling  parameter,  and 
"X2"  is  a  characteristic  relaxation  time  at  constant  strain. 


Because  the  ADF  cannot  be  directly  affected  through  the  action  of  external  forces,  but  only  through  coupling  with  the  total 
displacement  field,  they  are  effectively  internal  fields.  Consequently,  there  are  no  geometric  boundary  conditions  for  the  ADF 
analogous  to  those  for  the  total  displacement  field.  There  are,  however,  force-type  boundary  conditions:  the  anelastic  stress  is 
proportional  to  the  anelastic  strain  rate  (Lesieutre,  1996). 

Discretized  Equations  of  Motion.  The  final  discretized  equations  of  motion  for  a  single  element  may  be  expressed  in 
the  following  standard  second  order  form  with  evident  mass,  damping  and  stiffness  matrices: 

["Kfl+[cK#+ra*}«W  04) 

where  the  nodal  DOF  vector  is  ordered  as: 
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Some  details  of  the  structure  of  this  matrix  equation  are  evident  in  the  following  form,  particularly  the  presence  of 
submatrices  that  are  multiples  of  elastic  stiffness  submatrices.  Once  the  mass  and  elastic  stiffness  matrices  have  been 
determined,  the  submatrices  associated  with  ADF  degrees  of  freedom  may  be  readily  determined  without  additional  calculation. 


Note  that  the  matrix  [K^ J  is  symmetric.  If  desired,  these  equations  may  be  combined  in  first  order  form: 
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The  equations  of  motion  for  a  complete  ACL  system  or  structure  can  be  found  using  standard  finite  element  assembly 
procedures.  In  such  an  approach,  the  total  energy  is  just  the  sum  of  the  energies  of  the  individual  elements,  and  common 
nodal  DOF  are  eliminated  when  continuity  is  to  be  enforced. 


3.  ACL  PERFORMANCE 

To  verify  the  correct  performance  of  the  subject  ACL  beam  finite  element,  several  numerical  experiments  were  performed. 
First,  passive  performance  was  studied,  for  both  continuous  and  segmented  constrained  layer  treatments.  Next,  performance 
with  a  simple  active  proportional-derivative  (PD)  control  law  was  investigated.  The  following  subsections  describe  these 
numerical  experiments  and  the  results.  In  all  cases,  the  ACL  finite  element  and  the  modeled  system  performed  as  expected. 

PASSIVE  PERFORMANCE 

The  dynamic  behavior  of  a  cantilevered  beam  with  ACL  treatments  were  investigated.  In  the  initial  cases  of  interest,  the  ACL 
operated  in  a  passive  mode,  i.e..  as  a  conventional  constrained  layer  damping  treatment.  As  shown  in  Figure  4,  the  first  case 
of  interest  involved  complete  coverage  with  a  continuous  treatment,  while  the  second  case  of  interest  involved  complete 
coverage  with  a  segmented  treatment.  Table  1  summarizes  some  of  the  parameter  values  used 


(a)  (b) 


.  Figure  4.  Beam  and  ACL  Configurations  Considered 

Initial  calculations  were  made  using  an  elastic  version  of  the  finite  element  (without  ADF  DOFs,  j}A)  and  verified  that 
modal  frequencies  were  calculated  correctly.  Figure  5  shows  modal  damping  ratios  and  modal  frequencies  for  the  first  5  modes 
of  a  finite  element  model  constructed  using  5  equal -length  elements.  The  apparent  frequency-dependence  of  modal  damping  is 


due  to  a  combination  of  two  effects:  the  inherent  variation  of  viscoelastic  material  loss  factor  with  frequency  and  the  effect  of 
different  mode  shapes  on  the  fraction  of  strain  energy  stored  in  the  viscoelastic.  In  addition,  segmentation  evidently  makes  the 
damping  treatment  considerably  more  effective  in  the  lower  modes,  as  expected,  but  slightly  worse  in  higher  modes. 

Table  1.  Configuration  Parameter  Values  _ 

Beam  length  (m)  0.200  Number  of  elements  (typical)  5-25  I 


Viscoelastic  Layer 
Thickness  (m) 

Young’s  modulus  (MPa) 
Shear  modulus  (MPa) 
Density  (kg/m3) 

ADF'c’ 

ADF  ‘fi’  (rad/sec) 


0.00025 

25 

10 

1600 

1.2 

1500 


Modal  Frequency  (rad/sec) 

Figure  5.  Passive  Performance  of  ACL  Treatments  (‘o’  continuous;  ‘x*  segmented) 

ACTIVE  PERFORMANCE 

°/TAuL  With  3  S‘mp,e  fctive  Propo™onal-derivative  (PD)  control  law  was  subsequently  investigated.  In  these 
patch,  aTshowm'in  Figured  *  partICU  *  ACL  ‘patch’  was  based  on  a  discrete  strain  in  base  beam,  at  the  center  of  the 


drive  voltage 


strain  rate 


Figure  6.  General  Local  Control  Strategy  for  a  Single  ACL  “Patch’ 


(38) 


The  drive  voltage  was  taken  as  the  sum  of  two  terms,  one  proportional  to  strain,  the  other  to  the  strain  rate,  as  follows: 

Vi  =  —kp  E^i  —  krf 

Eq.  10  may  be  used  to  obtain  the  strain  at  the  desired  location  for  element  "j”  as- 

'{*_} 

t[^)]  [0]  [0]}  jg  . 


The  elemental  piezoelectric  forcing  then  may  be  expressed  in  terms  of  the  nodal  DOF  as  (Eq.  30): 

{/},  =  -kp{Fh  [£],{?}, -wn,  [£),{«},.  (40, 

In  this  form,  the  piezoelectric  forcing  terms  may  be  moved  to  the  left  hand  side  of  the  governing  equations  and  treated  as 
modifications  to  the  stiffness  and  damping  matrices.  Table  2  summarizes  the  control  gains  used  for  validation  purposes. 


_ _ Table  2.  Control  Gains _ 

Proportional  gain.  k„  3,000.000  V  _ Derivative  gain,  k,  60  V-s 


Figure  7  shows  the  modal  damping  ratios  and  modal  frequencies  for  the  first  5  modes  of  a  finite  element  model  constructed 
using  5  equal-length  elements,  with  control  active.  Relative  to  passive  operation  (Fig.  5),  active  control  clearly  increases  the 
damping  of  the  fundamental  mode  in  for  both  continuous  and  segmented  ACLs.  In  the  case  of  the  single  continuous  ACL. 
control  is  less  effective  in  the  higher  modes.  In  fact,  because  of  phasing  associated  with  mode  shapes,  control  using  a  single 
continuous  ACL  can  be  destabilizing:  the  frequency  and  damping  of  mode  3  are  both  decreased.  The  segmented  ACL  is  more 
robust  than  the  continuous  treatment,  in  that  the  damping  of  modes  at  least  up  to  the  number  of  independent  patches  is 
increased  by  control  action.  ^  y 


Figure  7.  Active  Performance  of  ACL  Treatments  (‘o’  continuous;  *x’  segmented) 


4.  SUMMARY  AND  CONCLUSIONS 


A  finite  element  for  planar  beams  with  active  constrained  layer  damping  treatments  was  developed  using  an  energy  method  in 
combination  with  the  ADF  viscoelastic  modeling  method.  Features  of  this  element  that  are  potentially  important  in  active 
control  applications  include  the  following:  immunity  to  shear  locking  for  accuracy;  use  of  a  time-domain  viscoelastic  material 
model  to  capture  the  frequency-dependent  stiffness  and  damping  of  the  viscoelastic  material;  and  the  ability  to  readily 
accommodate  segmental  constraining  layers  with  partial  coverage,  permitting  multiple  control  inputs.  Future  modifications 
could  include  the  explicit  addition  of  electrical  degrees  of  freedom  for  current  and  power  considerations. 


The  performance  of  the  finite  element  was  verified  through  several  sample  modal  analyses,  including  purely  passive 
performance  in  both  continuous  and  segmented  configurations,  as  well  as  corresponding  active  performance  using  a  PD 
control  strategy  based  on  discrete  strain  sensing.  Because  of  phasing  associated  with  mode  shapes,  control  using  a  single 
continuous  ACL  can  be  destabilizing.  A  segmented  ACL  is  more  robust  than  a  continuous  treatment,  in  that  the  damping  of 
modes  at  least  up  to  the  number  of  independent  patches  is  increased  by  control  action. 
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Abstract 

Damping  of  the  rotor  blade  lag  mode  is  especially 
critical  in  soft  in-plane  rotors.  Lag  damping  is 
typically  provided  by  hydraulic  or  elastomeric 
dampers.  An  alternative  approach  to  providing 
damping  over  a  broadband  frequency  range  is 
presented.  This  is  accomplished  with  multiple 
individual  vibration  absorbers  which  are  highly 
distributed,  both  in  space  and  in  frequency.  The  mass 
for  the  absorbers  could  perhaps  come  from  a  portion 
of  the  mass  of  the  leading  edge  weight  structure 
already  incorporated  into  the  blade.  The  absorber 
system  is  modeled  as  frequency  dependent  mass 
which  is  distributed  continuously  along  an  elastic 
blade.  The  amount  of  damping  can  be  controlled  by 
varying  the  number  of  discrete  tuning  frequencies,  the 
mass  per  unit  length  of  the  absorber  system,  the  loss 
factor  of  the  spring  material  and  the  frequency  range 
of  the  absorbers.  Through  careftil  selection  of  these 
design  parameters,  substantial  damping  over  a  broad 
frequency  range  may  be  obtained.  In  an  initial 
concept,  these  absorbers  are  embedded  inside  the 
blade  leading  edge  weight  structure,  which  reduces 
total  rotor  weight,  complexity  and  drag.  In  addition, 
future  research  issues  critical  to  the  effective 
implementation  of  this  concept  are  addressed. 


Introduction 

Lag  dampers  are  integral  parts  of  helicopter  rotor 
systems.  They  are  necessary  especially  for  soft  in¬ 
plane  rotors  where  the  problems  of  ground  and  air 
resonance  instabilities  emerge.  Many  approaches  to 
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providing  lag  damping  are  being  used  or  considered. 
Tarzanin  and  Panda1  investigated  the  use  of 
elastomeric  and  hydraulic  lag  dampers.  However, 
elastomeric  dampers  are  difficult  to  model  because  of 
their  complex  behavior  with  respect  to  varying 
operating  conditions  (amplitude,  frequency  and 
temperature)2.  Hydraulic  dampers  require  increased 
maintenance  as  well  as  adding  more  weight  and  drag 
to  the  rotor  system.  Nath  and  Wereley3  developed  a 
model  using  active  constrained  layer  damping  on 
flexbeams  for  lag  damping.  The  use  of 
electrorheological  fluids  in  lag  damping  has  been 
investigated  by  Kamath  and  Wereley4. 

Some  previous  work  addressed  the  use  of  absorbers 
attached  to  the  blade  for  vibration  control.  The  use  of 
pendulum  absorbers  to  reduce  helicopter  vibration 
was  investigated  by  Taylor  and  Teare5  as  well  as  by 
Pierce  and  Hamouda6.  Taylor  and  Teare  used  a 
pendulum  absorber  attached  to  the  rotor  blade  to 
control  4/rev  vibrations  and  loads.  This  was  done  with 
a  pendulum  absorber  optimally  tuned  to  a  specific 
frequency.  Pierce  and  Hamouda  looked  at  a  pendulum 
absorber  installed  on  a  hingeless  rotor  to  suppress  hub 
reactions.  This  also  required  the  pendulum  to  be 
tuned  to  a  single  optimal  frequency. 

The  concept  presented  herein  provides  an  alternative 
method  to  provide  the  damping  needed  in  the  lag 
modes.  The  basic  feature  of  the  approach  is  the  use 
of  highly  distributed  tuned  vibration  absorbers.  The 
mass  for  these  absorbers  comes  from  a  portion  of  the 
leading  edge  weights  that  are  already  incorporated 
into  the  blade.  Current  approaches  to  lag  damping 
increase  total  rotor  weight,  complexity,  and  hub  drag 
since  components  are  added  to  the  rotor  blade 
structure.  By  using  mass  and  structure  already 
incorporated  into  the  blade,  the  total  rotor  weight, 
complexity  and  drag  can  be  reduced. 

Highly  Distributed  Tuned  Vibration  Absorbers 
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This  method  of  vibration  control  uses  a  system  of 
highly  distributed  vibration  absorbers  to  provide 
damping  in  the  first  lag  mode  for  the  rotor  blades. 
The  absorber  system  consists  of  multiple  individual 
vibration  absorbers,  highly  distributed  both  in  space 
and  frequency  to  provide  broadband  energy’ 
dissipation.  This  system  is  similar  in  concept  to  a 
frequency  dependent  elastic  foundation  as  shown  in 
Figure  1,  and  can  be  represented  equivalently  as 
distributed  damping  or  distributed  mass. 


Figure  1  --  Distributed  Absorbers  Attached  to  a 
Common  Base7 


Figure  2  —  Schematic  of  Absorber  Embedded  in 
Blade  Cross-Section 


The  frequency  dependent  distributed  mass  method  is 
the  modeling  approach  used  in  this  paper.  In  order 
for  this  concept  to  be  viable,  the  distributed  tuned 
vibration  absorbers  must  be  embedded  in  the  cross- 
section  of  the  blade  as  seen  in  Figure  2.  The  mass  for 
the  absorbers  could  perhaps  be  provided  by  a  portion 
of  the  leading  edge  weights  that  are  already 
incorporated  into  the  rotor  blades.  The  leading  edge 
weights  in  current  blades  account  for  approximately 
15-20%  of  the  weight  in  metal  blades  and  up  to  30% 
in  composite  blades.  This  concept  would  take  these 
previously  inert  masses  and  use  a  portion  of  them  to 
damp  the  lag  mode. 

The  model  for  a  system  of  distributed  tuned  vibration 
absorbers  comes  from  previous  research  done  by 
Zapfe  and  Lesieutre*.  The  absorber  system  may  be 
treated  as  having  frequency  dependent  complex  mass 
per  unit  length  as  shown  in  Equation  1. 


p^(co)  = 


v>'p4^,2(i+yn) 

i-i  ©/(l  +  ynj-or 


(1) 


The  sum  in  Equation  1  is  over  a  finite  number  (N)  of 
discrete  frequencies  to  which  portions  of  the  absorber 
system  are  tuned.  In  Equation  1,  co*  is  the  natural 
frequency  of  the  i*  portion  of  the  absorber  system, 
pA,  is  the  corresponding  mass  per  unit  length,  and  r], 
is  the  loss  factor  of  the  spring  material.  The  equation 
for  this  frequency  dependent  mass  has  two  distinct 
features:  First,  at  a  given  driving  frequency  the 
effective  mass  is  complex,  having  magnitude  and 
phase.  Secondly,  if  considered  within  an  eigenvalue 
problem,  pA^co)  must  be  evaluated  at  the  modal 
frequency  of  the  system,  co,  which  requires  that  the 
eigenproblem  be  solved  iteratively.  In  Figure  3,  the 
characteristics  of  the  distributed  frequency  dependent 
mass  in  relation  to  that  for  an  individual  absorber  is 
shown  through  a  frequency  response  function  for  a 
constant  total  absorber  system  mass.  By  examining 
the  magnitude  and  phase  of  the  effective  mass  of  the 
absorber  system,  it  is  clear  that  a  single  absorber  can 
only  provide  effective  system  damping  over  a  small 
frequency  range.  However,  the  use  of  the  multiple 
absorber  system  can  provide  damping  over  a  larger 
range  of  frequencies. 
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Figure  3  --  Frequency  Dependent  Mass 
Characteristics 


Blade  and  Absorber  System  Model 

A  hingeless  blade  was  modeled  as  a  cantilevered 
elastic  beam  with  a  soft  flexure  (1/25*  of  blade 
flexural  rigidity  from  5-20%  of  span  location)  to 
approximate  a  hingeless  blade  with  .62/rev.  The 
parameters  used  to  model  the  blade  were  similar  to 
those  of  a  UH-60  Blackhawk.  Only  the  lag  motion 
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was  investigated  and  the  governing  PDE  given  by 
Equation  29  was  discretized  using  the  finite  element 
method  to  yield  Equation  3.  In  Equation  2,  the 
variable  P  is  the  tensile  axial  load  due  to  the 
centrifugal  force  acting  on  a  blade  cross-section. 

P »^v+£/s(v")"  -  (Pv')'-pACl2v  =  Py(x,t)  (2) 

L 

where  P  =  J  pAil1x{dxl 

x 

=  {F(q,t)}  (3) 

The  equations  of  motion  were  then  modified  to 
include  the  frequency  dependent  mass  of  the  absorber 
system,  which  was  treated  as  a  continuous  system 
outboard  of  the  blade  flexure  to  85%  radius  as 
depicted  in  Figure  4.  In  Equation  3,  the  frequency 
dependent  mass  is  included  in  those  terms  where  the 
mass  matrix  [M]  is  present.  The  section  mass  center 
of  the  absorber  system  and  the  rest  of  the  blade 
section  are  initially  collocated  on  the  centerline.  This 
resulted  in  a  blade  and  absorber  system  model  with 
complex  mass  and  stiffness  that  was  used  to  study  the 
dynamic  behavior  of  the  blade  with  the  absorber 
system 


Figure  4  —  Absorber  System  Distribution 


Absorber  System  Design  Parameters 

This  numerical  model  was  then  used  to  simulate  blade 
lag  dynamic  behavior.  Some  of  the  key  design 
parameters  investigated  were  the  following:  mass  per 
unit  length  of  the  absorber  system  (pAO,  frequency 
range  of  the  absorbers,  loss  factor  of  spring  material 
(rji)  and  number  (N)  of  tuning  frequencies  (co;).  With 
the  proper  selection  of  appropriate  values  of  these 
parameters,  the  absorber  system  can  provide 
substantial  lag  mode  damping. 

Absorber  Tuning  Frequency  Range 

The  natural  frequency  of  the  fundamental  blade  lag 
mode  increases  with  increasing  rotor  speed.  The 
range  of  absorber  tuning  frequencies  should  include 
both  the  range  of  natural  vibration  frequencies  as  well 


as  the  frequencies  involved  in  ground  or  air  resonance 
as  shown  in  Figure  5,  including  the  progressive  low 
frequency  lag  mode.  Based  on  this  information  an 
initial  range  of  absorber  system  tuning  frequencies 
can  be  chosen. 


Figure  5  -  Absorber  Tuning  Frequency  Range 


Loss  Factor  and  Number  of  Tuning  Frequencies 

The  number  of  tuning  frequencies  is  related  to  the 
absorber  system  loss  factor  as  shown  in  Figure  6. 
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Figure  6  -  Relationship  Between  N  and  T|j 

By  using  a  small  number  of  tuning  frequencies  in 
combination  with  a  low  loss  factor  the  large  response 
of  at  each  tuning  frequency  can  be  clearly  seen. 
There  are  two  possible  methods  to  accomplish  a 
smoothly  varying  response  over  a  range  of 
frequencies.  The  first  is  to  use  a  low  loss  factor  in 
combination  with  a  large  number  of  tuning 
frequencies.  The  second  method  (which  was  used  in 
further  analysis)  is  to  use  a  higher  loss  factor  with  a 
relatively  small  number  of  tuning  frequencies.  This  is 
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justified  by  considering  that  production  would  be 
more  efficient  if  only  a  small  number  of  differently 
tuned  absorbers  needed  to  be  used. 

In  Figure  7  the  variation  of  damping  ratio  versus  loss 
factor  for  different  rotation  speeds  is  shown.  There  is 
an  optimal  loss  factor  that  varies  with  rotation  speed 
for  a  fixed  number  of  tuning  frequencies  and  absorber 
mass  fraction.  As  the  loss  factor  increases,  the 
damping  ratio  of  the  lag  mode  approaches  a 
maximum  value  and  then  steadily  decreases.  This 
will  cause  a  loss  in  performance  of  the  absorber 
system  if  too  high  a  loss  factor  is  chosen.  Also,  note 
that  the  loss  factor  of  the  material  chosen  may  depend 
on  other  factors  such  as  temperature  and  frequency, 
depending  on  the  material  chosen  to  implement  this 
part  of  the  absorber. 


Figure  7  —  Selecting  Loss  Factor  of  Absorbers 


Simulation  Results 

Simulation  results  illustrate  the  effects  of  the  key 
parameters  on  absorber  system  performance.  Using 
the  values  for  loss  factor  and  number  of  tuning 
frequencies  determined  previously,  the  relationship 
between  the  fundamental  lag  mode  damping  ratio  and 
absorber  mass  fraction  ratio  is  shown  in  Figure  8. 
Different  absorber  mass  fractions  were  considered, 
ranging  from  3%  to  5%  of  the  total  blade  mass.  For 
each  case,  the  range  of  absorber  tuning  frequencies 
was  held  constant  at  2-34  rad/sec.  For  an  increase  in 
absorber  mass  ratio  an  increase  in  critical  damping 
ratio  is  evidenced.  The  results  show  that,  even  for 
low  rotation  speeds  with  small  mass  fractions 
associated  with  the  absorber  system,  it  is  capable  of 
providing  substantial  effective  damping  over  a 
broadband  frequency  range. 


Figure  8  -  Effect  of  Changing  Absorber  Mass  Ratio 


The  other  variable  that  can  be  easily  altered  is  the 
frequency  bandwidth  of  the  absorber  tuning 
frequencies.  Figure  9  shows  that  by  decreasing  the 
absorber  frequency  bandwidth,  the  amount  of 
damping  provided  can  be  significantly  increased  for  a 
constant  absorber  mass  ratio  of  4%.  The  solid  curve 
has  a  absorber  tuning  frequency  range  of  2-34  rad/sec, 
while  the  dashed  curve  has  a  range  of  6-30  rad/sec. 
Also  the  effects  of  having  just  a  single  tuning 
frequency  of  18  rad/s  is  shown.  Decreasing  the 
tuning  frequency  range  of  the  absorber  system  such 
that  it  no  longer  spans  the  frequency  range  of  interest 
causes  a  peak  in  the  damping,  but  not  the  broadband 
energy  dissipation  desired.  Narrowing  the  absorber 
system  frequency  band  has  the  same  effect  as 
increasing  the  absorber  mass  ratio  and  can  be  used 
accordingly  to  achieve  the  damping  required  by  the 
application. 


Figure  9  —  Effect  of  Tuning  Frequency  Bandwidth 


4 

American  Institute  of  Aeronautics  and  Astronautics 


In  order  to  better  understand  the  complete  effects  of 
the  frequency  dependent  mass,  rotation  speeds  above 
the  range  of  normal  operating  speeds  are  investigated 
in  Figure  10. 


Figure  10  —  Damping  Ratio  vs.  Rotation  Speed 


The  damping  ratio  of  the  lag  mode  increases  to  a 
maximum  value  and  then  decreases  and  approaches  a 
constant  associated  with  the  loss  factor  of  the  spring 
material  as  rotation  speeds  increase.  This  is  due  to 
the  fact  that  the  natural  lag  frequencies  are  no  longer 
within  the  range  of  tuning  frequencies  of  the  absorber 
system.  The  effects  of  this  can  be  seen  more 
effectively  in  Figure  1 1 . 
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Figure  11  -  Effective  Mass  vs.  Rotation  Speed 


Here  it  can  been  seen  that  for  frequencies  below  the 
tuning  frequency  range  of  the  absorber  system,  its 


mass  acts  as  simply  real  added  mass.  Then  at  higher 
frequencies,  above  the  tuning  range,  the  effective 
mass  of  the  absorber  system  approaches  a  real  value 
and  acts  like  N  parallel  springs  or  stiffness  since  it  is  - 
180°  out  of  phase.  At  both  of  these  extremes  the 
absorber  system  mass  remains  real  and  therefore  no 
effective  damping  is  provided  to  the  system.  Also  it 
can  be  seen  that  there  is  a  point  where  the  phase  of 
the  effective  mass  passes  through  -90°  which 
corresponds  to  viscous  damping.  The  frequency  at 
which  this  occurs  is  consistent  with  the  peak  damping 
seen  in  Figure  10. 

Conceptual  Design 

A  simple  conceptual  design  has  been  devised  to 
communicate  a  potential  realization  of  the  idea. 
Figure  12  shows  multiple  views  of  a  partial  section  of 
the  leading  edge  weight  structure  with  absorbers 
incorporated  in  it.  The  idea  is  to  create  a  mass 
surrounded  by  rubber  that  would  be  embedded  into 
the  leading  edge  weight  structure  in  the  form  of  plugs. 


Figure  12  -  Conceptual  Design  of  Absorber  System 


Conclusions 


The  use  of  multiple  vibration  absorbers,  highly 
distributed  both  in  space  and  in  frequency,  to  provide 
lag  damping  was  investigated.  The  inert  mass  of  the 
leading  edge  weight  structure  could  be  made 
productive  in  damping  of  the  fundamental  lag  mode 
of  the  rotor  blade.  The  simulation  results  show  that 
the  distributed  tuned  vibration  absorber  system  can 
potentially  be  very  effective  at  providing  damping  in 
the  blade  lag  motion.  Through  alteration  of  the 
various  design  variables  the  amount  of  damping 
produced  can  be  changed.  Using  as  little  as  3%  of  the 
total  blade  mass  (much  less  than  that  already  used  for 
the  leading  edge  weights),  with  the  appropriate 
absorber  frequency  band,  this  method  could  provide 
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damping  comparable  to  or  better  than  that  provided 
by  methods  already  in  use  or  proposed. 

Future  Research 

Future  research  could  investigate  at  least  the 
following  attributes  of  the  distributed  tuned  vibration 
absorber  system: 

•  Physical  considerations,  such  as  whether  the 
absorber  could  impact  the  inner  cavity  of  the 
blade.  This  is  critical  because  excessive  motion 
of  the  absorber  system  cannot  be  tolerated  within 
the  blade. 

•  The  effect  of  the  absorber  system  and  its  motion 
on  the  center  of  gravity  of  the  blade  cross- 
section.  This  will  determine  any  changes  to  the 
blade  flap,  lag  and  torsion  couplings.  Also,  the 
impact  of  aerodynamics  on  the  absorber  system 
and  the  resulting  consequences  to  the  helicopter 
need  to  be  investigated.  The  effects  of  absorber 
system  motion  on  helicopter  and  blade  stability 
also  needs  to  be  determined. 

•  Experiments  to  validate  performance  in 
conjunction  with  development  of  a  method  of 
effective  implementation. 
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ABSTRACT 

A  coupling  coefficient  is  a  measure  of  the  effectiveness  with  which  a  shape-changing  material  (or  a  device  employing  such  a 
material)  converts  the  energy  in  an  imposed  signal  to  useful  mechanical  energy.  There  are  different  kinds  of  material  and 
device  coupling  coefficients,  corresponding  to  different  modes  of  excitation  and  response.  Device  coupling  coefficients  are 
properties  of  the  device  and,  although  related  to  the  material  coupling  coefficients,  are  generally  different  from  them.  It  is 
commonly  held  that  a  device  coupling  coefficient  cannot  be  greater  than  some  corresponding  coupling  coefficient  of  the  active 
material  used  in  the  device.  A  class  of  devices  was  recently  identified  in  which  the  apparent  coupling  coefficient  can,  in 
principle,  approach  1.0,  corresponding  to  perfect  electromechanical  energy  conversion.  The  key  feature  of  this  class  of  devices 
is  the  use  of  destabilizing  mechanical  pre-loads  to  counter  inherent  stiffness.  The  approach  is  illustrated  for  a  piezoelectric 
bimorph  device:  theory  predicts  a  smooth  increase  of  the  apparent  coupling  coefficient  with  pre-load,  approaching  1.0  at  the 
buckling  load.  An  experiment  verified  the  trend  of  increasing  coupling  with  pre-load.  This  approach  provides  a  way  to 
simultaneously  increase  both  displacement  and  force,  distinguishing  it  from  alternatives  such  as  motion  amplification,  and 
may  allow  transducer  designers  to  achieve  substantial  performance  gains  for  some  actuator  and  sensor  devices. 


Keywords:  Coupling  coefficient,  piezoelectric,  energy  transduction,  transducer,  sensor,  actuator 


1.  INTRODUCTION 

Many  mechanical  transducers  employ  shape-changing  materials  as  an  integral  part  of  their  construction.  An  example  of  a 
material  exhibiting  such  behavior  is  a  piezoelectric  ceramic.  In  the  case  of  actuators,  such  shape  changes,  or  strains,  are  the 
result  of  the  application  of  an  imposed  external  signal,  such  as  an  electric  field.  Device  performance  depends  intimately  on 
the  ability  of  these  materials  to  convert  energy  from  one  form  to  another.  One  measure  of  the  effectiveness  with  which  a 
material  or  device  converts  the  energy  in  an  imposed  signal  to  useful  mechanical  energy  is  the  coupling  coefficient. 

One  definition  of  a  coupling  coefficient  is  the  following:  the  ratio  of  the  energy  converted  to  that  imposed  is  equal  to  the 
square  of  the  coupling  coefficient,  k.  Thus,  no  material  coupling  coefficient  can  be  greater  than  1.0,  as  this  represents  the 
limit  of  100%  conversion  of  imposed  energy  to  mechanical  energy.  In  addition,  as  the  result  of  the  ability  to  impose  signals 
in  different  ways,  as  well  as  the  ability  of  a  material  to  strain  in  different  ways,  any  material  has  multiple  coupling 
coefficients  corresponding  to  different  modes  of  excitation  and  response.  The  largest  coupling  coefficients  for  piezoelectric 
ceramic  materials  are  on  the  order  of  0.7,  corresponding  to  energy  conversion  factors  of  about  50%.  Considerable  research  has 
addressed  the  development  of  new  material  compositions  that  might  exhibit  higher  electro-mechanical  coupling.  ^ 

Devices  made  using  such  active  materials  are  also  said  to  have  coupling  coefficients.  These  are  properties  of  the  device  and, 
although  related  to  the  material  coupling  coefficients,  are  generally  different  from  them.  Various  device  coupling  coefficients 
can  also  be  defined,  corresponding  to  specific  modes  of  excitation  and  response.  Accepted  design  guidelines  suggest  two  ways 
to  maximize  device  (and  composite  material)  coupling  coefficients:  1)  use  a  material  with  high  inherent  coupling;  and  2) 
configure  the  device  so  as  to  best  use  the  available  material  coupling. Considerable  research  has  addressed  ways  to  exploit 
material  coupling,  resulting  in  devices  such  as  the  "moonie."^  It  is  commonly  held  that  no  device  coupling  coefficient  can  be 
greater  than  the  largest  coupling  coefficient  of  the  active  material  used  in  the  device. 
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2.  BACKGROUND:  PIEZOELECTRIC  COUPLING  COEFFICIENTS 


2.1  Piezoelectric  Material  Coupling 


The  behavior  of  piezoelectric  materials  involves  coupled  mechanical  and  electrical  response.  The  constitutive  equations  of  a 
linear  piezoelectric  material  can  be  expressed  in  terms  of  various  combination  of  mechanical  and  electrical  quantities  (stress  or 
strain,  electric  field  or  electric  displacement).  In  light  of  the  popularity  of  the  modem  displacement-based  finite  element 
method,  the  constitutive  equations  used  herein  employ  the  strain  and  electric  fields.  (Strain  is  related  to  the  gradient  of  the 
mechanical  displacement  field,  while  electric  field  is  the  gradient  of  the  electric  potential  field  )  In  condensed  matrix  notation, 
the  nine  constitutive  equations  for  a  typical  piezoelectric  ceramic  material  are: 


(1) 


where:  T  is  the  stress  vector;  S  is  the  strain  vector  (6  components  each); 

D  is  the  electric  displacement  vector;  E  is  the  electric  field  vector  (3  components  each); 
cE  is  a  matrix  of  elastic  coefficients  (at  constant  electric  field); 
e  is  a  matrix  of  piezoelectric  coefficients;  and 
es  is  a  matrix  of  dielectric  permittivities  (at  constant  strain). 

2.1.1  Simple  Strain  /  Electric  Field  Patterns.  In  engineering  analysis,  materials  may  sometimes  be  assumed  to 
experience  a  state  in  which  only  a  single  stress  or  strain  component  is  non-zero,  and  in  which  only  a  single  electric  field  or 
electric  displacement  component  is  non-zero.  In  that  event,  the  nine  constitutive  equations  may  be  reduced  to  two,  so  that  the 
matrices  of  coefficients  become  scalars.  The  corresponding  single  coupling  coefficient  may  be  found  from  either:^ 

The  difference  between  the  open-circuit  (constant  electric  displacement)  stiffness  (c15)  and  the  short  circuit  (constant 
electric  field)  stiffness  (cE): 
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The  difference  between  the  free  (constant  stress)  permittivity  (eT)  and  the  blocked  (constant  strain)  permittivity  (es): 


it2 


(3) 


2.1.2  Eigen  Strain  /  Electric  Field  Patterns.  Eigenanalysis  of  the  constitutive  equations  for  a  typical  piezoelectric 
ceramic  material  reveals  that  only  3  characteristic  strain/electric  field  patterns  exhibit  electromechanical  coupling.6  Because 
each  stress  /  electric  displacement  pattern  is  related  to  the  corresponding  strain  /  electric  field  pattern  by  a  scalar  (the 
eigenvalue),  individual  patterns  may  be  considered  to  be  effectively  one-dimensional;  the  total  electromechanical  system  may 
then  be  considered  as  a  set  of  parallel  one-dimensional  systems.  When  the  conventional  coordinate  system  is  used  ("3"  the 
poling  direction,  and  "1-2"  the  plane  of  isotropy),^  the  three  patterns  which  exhibit  electromechanical  coupling  involve  the 
three  components  of  the  electric  field  vector  individually;  the  first  two  involve  shears  in  planes  normal  to  the  plane  of 
isotropy,  and  the  third  involves  a  combination  of  all  three  normal  strains.  For  many  materials,  the  coupling  coefficient 
associated  with  each  of  these  three  eigen  patterns  is  about  0.70. 
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2.1.3  Arbitrary  Strain  /  Electric  Field  Patterns.  An  effective  coupling  coefficient  may  be  defined  for  an  arbitrary 
quasistatic  electromechanical  state  of  the  material  from  energy  considerations.  For  the  selected  form  of  the  constitutive 
equations  (block  skew  symmetric),  the  total  energy  density  is  the  sum  of  the  mechanical  (strain)  energy  density  and  the 
electrical  (dielectric)  energy  density: 

V«,t  =  Vmech+UtUc  where  U ^  =  •^{S}7jc£]{S}  and  Uekc  =  ^{E}T[eS]{E}  (4) 

Although  with  this  form  of  the  constitutive  equations  there  is  no  "mutual"  energy  density, 7  a  "one-way  coupled"  energy 
density  may  be  defined  as: 

^=^{£}rWM=^{s}rKK£}  (s 


With  these  definitions,  an  effective  coupling  coefficient  for  an  arbitrary  electromechanical  state  may  be  defined  as: 
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Of  course,  this  relation  is  most  meaningful  when  the  state  considered  corresponds  to  a  quasistatic  equilibrium  attained  as  the 
result  of  some  electromechanical  loading  process  starting  from  zero  initial  conditions.  Also,  since  any  electromechanical  state 
of  the  material  can  be  expressed  as  a  linear  combination  of  the  eigen  patterns  discussed  in  the  preceding,  the  coupling 
coefficient  associated  with  an  arbitrary  state  cannot  be  greater  than  the  largest  eigen  coupling  coefficient. 

When  the  electromechanical  loading  process  corresponds  to  purely  electrical  or  purely  mechanical  loading,  special  cases  of  Eq. 
6  may  be  developed.  In  that  case,  the  total  energy  is  equal  to  the  work  done  by  the  loading  system,  and  the  transduced  energy 
is  equal  to  the  one-way  coupled  energy  defined  in  Eq.  7. 


For  purely  electrical  loading,  the  coupling  coefficient  may  be  expressed  as: 
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For  purely  mechanical  loading,  the  coupling  coefficient  may  be  expressed  as: 
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2.2  Piezoelectric  Device  Coupling 

The  stiffness  of  non-active  elements  tends  to  reduce  device  coupling  coefficients  relative  to  material  coefficients. 
Definitions  of  coupling  coefficients  for  piezoelectric  devices  must  also  recognize  that  the  electromechanical  response  will 
generally  be  non-homogeneous  within  the  device.  Versions  of  any  of  the  preceding  energy-hased  definitions  of  material 
coupling  coefficients  (Eqs.  6, 7, 8)  may  be  applied  to  devices,  so  long  as  the  work  and  energy  quantities  are  considered  for  the 
entire  device  (for  example,  energy  densities  must  be  integrated  over  the  device  volume).  Further,  if  the  electromechanical 
equations  describing  the  device  are  expressed  in  terms  of  scalar  stiffness  and  capacitance  coefficients,  methods  analogous  to  the 
simple  material  coefficient  method  (Eqs.  2  (stiffness),  and  3  (capacitance))  may  also  be  used  with  success. 
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Piezoelectric  devices  are  often  used  dynamically,  to  induce  or  to  sense  motion  In  that  case,  a  dynamic  definition  of  coupling 
coefficient  may  be  obtained  for  each  combination  of  electrical  leads  and  natural  vibration  modes,  based  on  the  difference 
between  the  open-circuit  natural  vibration  frequency  (oP)  and  the  short  circuit  natural  vibration  frequency  (ufi): 


k 2 


k; 

>2-! 

yf 

1 

:< 

(9) 


Note  that  under  static,  homogeneous  conditions,  this  reduces  to  Eq.  2. 

3.  CONCEPT:  REDUCE  DEVICE  STIFFNESS  WITH  DESTABILIZING  PRE-LOADS 

Inspiration  for  a  way  to  increase  the  effective  coupling  coefficient  of  a  piezoelectric  device  may  be  obtained  by  close 
inspection  of  Eq.  2,  reproduced  here  and  discussed  using  "device"  terms,  rather  than  "material"  terms. 

*» _ 

If  the  stiffness  (cE)  could  be  reduced  without  affecting  the  capacitance  (es)  or  the  piezoelectric  coupling  (e),  the  coupling 
coefficient  would  be  increased.  Furthermore,  as  the  stiffness  approached  zero,  the  coupling  coefficient  would  approach  unity. 

Although  it  may  be  impossible  to  accomplish  such  stiffness  reductions  for  real  materials,  it  is  possible  for  built-up  devices. 
The  field  of  elastic  stability,  perhaps  most  familiar  to  structural  analysts  in  the  fields  of  aerospace,  civil  and  mechanical 
engineering,  addresses  the  effects  of  various  loads  on  the  stability  of  structures.®  It  is  common  to  consider  such  destabilizing 
loads  as  decreasing  structural  stiffness.  In  fact,  as  the  critical  buckling  load  is  approached,  both  the  structural  stiffness  and  the 
fundamental  natural  frequency  of  vibration  approach  zero. 

Of  course,  when  an  external  mechanical  load  acts  on  a  structure  or  device,  it  may  do  mechanical  work.  This  must  be 
considered  when  defining  the  coupling  coefficient  for  a  device  when  such  loads  are  present. 

4.  THEORY:  FLEXURAL  PIEZOELECTRIC  DEVICE 
4.1  Device  Configuration  and  Assumptions 

The  concept  for  increasing  device  electromechanical  coupling  coefficients  using  destabilizing  mechanical  pre-loads  is 
illustrated  through  consideration  of  a  simple  planar  piezoelectric  bimorph  Figure  1  shows  a  schematic  of  such  a  device,  as 
well  as  the  origin  and  orientation  of  the  coordinate  system.  The  device  consists  of  a  base  beam  made  of  a  non-piezoelectric 
material,  with  thin  pieces  of  piezoelectric  material  bonded  to  its  upper  and  lower  surfaces  (or,  directly  to  one  another).  In  the 
most  common  realization,  these  pieces  are  monolithic  piezoceramic  and  are  poled  in  the  direction  normal  to  the  plane  of  the 
beam  ("3").  A  bimorph  operates  in  such  a  way  that  electrical  excitation  in  the  poling  direction  causes  the  beam  to  bend 
laterally.  This  is  accomplished  by  driving  the  piezoceramics  in  opposition,  extending  one  side  and  contracting  the  other. 


Figure  1 .  A  piezoelectric  bimorph  with  a  compressive  axial  load 

For  illustration,  the  device  wilf  be  assumed  to  be  simply  supported,  and  modeled  as  a  symmetric  composite  (multi-element) 
beam.  Let  cross-sections  be  identified  by  the  longitudinal  (HF)  coordinate  x,  and  let  the  lateral  ("3”)  motion  of  the  midplane 
be  denoted  w(x).  The  following  kinematic  assumptions  are  made: 
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Transverse  shear  strains  are  negligible.  Therefore,  the  longitudinal  motion  of  a  point  in  a  cross-section,  u(x),  is 
proportional  to  the  bending  rotation  of  the  cross-section,  and  to  the  distance  from  the  midplane,  z.  The  deformation 
of  the  beam  can  be  characterized  fully  by  the  longitudinal  normal  strain,  Sn. 


✓  v  Av  , 

u(x,z)  =  -Z—  =  -Z  w  and 

dx 


Su{x,z)  =  -  =  -z  w* 


(10,  11) 


The  beam  is  inextensible,  that  is,  changes  in  the  developed  length  of  the  midplane  are  negligible.  The  axial  load  can 
only  do  work  when  the  beam  bends  and  its  two  ends  move  closer  together. 


Since  transverse  shear  strains  are  negligible,  and  neither  Ej  nor  E2  is  prescribed,  the  only  electrical  field  of 
significance  is  E3.  The  electrical  potential,  d>,  is  assumed  to  vary  linearly  through  the  thickness  of  the  piezoelectric 
layers,  hp,  but  not  at  all  along  the  length  because  the  upper  and  lower  surfaces  are  electroded  (equipotential).  The 
voltage,  V,  at  the  outer  surfaces  is  the  same,  and  zero  at  the  inner  surfaces. 

_ ,  .  <&>(z)  I  V  V  .  \ 

Ei(z)  = - - —  =  (-—  top;  +—  bottom)  (12) 
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Under  the  preceding  conditions,  the  material  constitutive  equations  reduce  to  the  following  one-dimensional  form: 


(13) 


The  focus  bimorph  is  characterized  by  the  following  geometric  and  material  properties.  Sample  numerical  values  (SI  units) 


are  also  shown  for  later  use. 

Base  Beam  (aluminum) 

hfc  thickness  0.0010 

b  width  0.0100 

L  length  0.1000 

c^  Young’s  modulus  7.000e+10 

Pb  density  2750 

Piezoelectric  Ceramic  (PZT-5A;  full  set  of  material  constants9) 
hp  thickness  0.0005 

cEp  Young's  modulus  (constant  electric  field)  6.152e+10 

ep  piezoelectric  coefficient  - 1 0.48 

E^p  dielectric  permittivity  (constant  strain)  1.330e-08 

pp  density  7250 


(Note:  Using  Eq.  2,  the  material  coupling  coefficient,  k3i  »  0.344.) 

Axial  Load 

P  axial  load  (compression  is  positive) 


4.2  Model  and  Governing  Equations 


The  governing  equations  for  this  multi-layered  piezoelectric  beam  may  be  found  using  the  method  of  virtual  work  or 
Hamilton's  Principle.  Because  the  beam  is  assumed  to  be  uniform  and  simply-supported,  the  fundamental  vibration  mode  and 
the  buckling  mode  are  both  half-sinusoids.  Therefore,  an  assumed-modes  method  based  on  a  such  a  shape  function  yields  the 
exact  solution  for  the  first  mode.  The  transverse  deflection  of  the  midplane  is  then  given  by: 


w(xyt)  =  d(t)  sin 


r  7Qc 

Cl 


) 


(14) 
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where  d(t)  is  the  magnitude  of  the  lateral  deflection  at  the  center  of  the  beam.  Application  of  the  assumed  modes  method  of 
analysis  leads  to  the  following  two  coupled  equations: 


0T0JW 


(15) 


where  d is  the  discrete  displacement  variable,  V  is  the  voltage  across  the  device  terminals,  and  Q  is  the  charge  imposed  on  the 
device.  Note  that  direct  mechanical  forcing  of  lateral  motion  is  omitted. 


The  device  electromechanical  coefficients  are: 


mass 


stiffness 


capacitance 
piezoelectric  coupling 
"geometric"  stiffness 


m  =  b(pA  +  2P„hP)- 


Ke  =b 


cH  —  +  2c! 
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p  =  2be(hb+hp)(jj 
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(16a) 

(16b) 

(16c) 

(16d) 

(16c) 


Note  that  the  work  done  by  the  axial  pre-load  is  represented  as  the  "geometric  stiffness,"  and  that  its  main  effect  is  to  reduce 
the  effective  lateral  stiffness  of  the  layered  device.  In  fact,  if  the  axial  load  P  is  made  high  enough,  Kq  will  fully  counteract 
and  the  beam  will  be  on  the  verge  of  instability.  The  corresponding  value  of  P  is  Per .  the  critical  load  for  buckling. 


4.3  Coupling  Coefficients  of  the  Axially-Loaded  Piezoelectric  Bimorph 

4.3.1  Without  axial  load.  A  first  estimate  of  the  device  coupling  coefficient  may  be  obtained  by  multiplying  the 
material  coupling  coefficient  by  the  fraction  of  the  stiffness  associated  with  extension  of  the  midplanes  of  the  piezoelectric 
layers.  For  the  sample  numerical  values  used,  this  fraction  is  about  0.83.  The  coupling  coefficient  of  the  piezoelectric 
material  used  is  0.344.  The  resulting  device  coupling  coefficient  estimated  in  this  manner  is  0.286. 

Additional  estimates  of  the  device  coupling  coefficient  may  be  obtained  by  extending  Eqs.  2  (stiffness  change  due  to  electrical 
boundary  conditions)  and  3  (capacitance  change  due  to  mechanical  boundary  conditions)  to  devices.  For  the  sample  numerical 
values  used,  a  value  of  0.288  is  obtained.  Use  of  Eq.  9  (change  in  natural  vibration  frequency  due  to  electrical  boundary 
conditions)  yields  the  same  result. 

By  doing  electrical  work  on  the  device  (imposing  a  charge,  Q )  and  finding  the  equilibrium  displacement/voltage  state,  Eq.  6  or 
7  may  also  be  used  to  obtain  an  estimate  of  the  device  coupling  coefficient,  with  the  same  result,  0.288. 


4.3.2  With  axial  load.  The  definitions  of  coupling  coefficient  used  in  the  preceding  must  be  modified  to  reflect  the 
action  of  an  external  compressive  load.  Depending  on  the  way  the  axial  load  is  considered,  both  ‘'apparent"  and  "proper" 
coupling  coefficients  may  be  defined. 


6 


"Apparent"  coupling  coefficient.  Treating  the  axial  load  simply  as  a  reduction  of  effective  lateral  stiffness  of  the 
device  suggests  the  definition  of  an  "effective"  or  "apparent"  coupling  coefficient.  Eqs.  2  (stiffness)  and  3  (capacitance)  can  be 
used  with  the  simple  modification  of  replacing  KE  with  the  quantity  (KE  -  Kg),  the  effective  or  net  lateral  stiffness.  Eq.  9 
(frequency)  can  be  used  directly.  Clearly,  as  the  load  approaches  the  buckling  load,  the  apparent  coupling  coefficient 
approaches  1.0. 


An  energy  approach  can  be  adopted  to  yield  similar  results.  Consider  the  following  definitions  of  energy-  and  work-related 
quantities: 


where 

w,,r='-QV 

and 

(17) 

U,o,  =  Uelec  +  Umech 

u*.=^c*v2 

(18) 

U 

coup= 

\pvd 

(19) 

Clearly,  Eq.  7  cannot  be  used  directly  as  it  could  lead  to  coupling  coefficients  greater  than  1 .0.  It  might  be  reasonably 
modified,  however,  to  omit  the  work  done  by  the  mechanical  pre-load  from  the  mechanical  strain  energy,  as  follows: 


7,2  _  Ujntch  ^mech 

°PP  W 

"elec 


(20) 


The  numerator  can  be  interpreted  as  that  part  of  the  mechanical  energy  stored  that  is  due  to  the  input  of  electrical  energy,  and 
Eq.  20  yields  results  consistent  with  the  stiffness  reduction  approach.  An  alternate  approach  involves  considering  the  ratio  of 
the  one-way  coupled  energy  to  the  electrical  work  input: 


»  2  _  ^ coup 

»pp  nr 

” elec 


(21) 


This  approach,  too,  yields  results  consistent  with  the  stiffness  reduction  approach. 


"Proper"  coupling  coefficient.  Although  the  "apparent"  coupling  coefficient  appears  to  be  a  practical  definition  based 
on  the  interconversion  of  mechanical  energy  associated  with  lateral  deformation  and  electrical  energy,  a  "proper"  coupling 
coefficient  might  be  defined  by  treating  the  work  done  by  the  compressive  axial  pre-load  as  work,  and  not  simply  as  a 
stiffness  reduction.  Such  a  definition  would  have  the  same  general  form  as  Eq.  6: 


7,2  _  ^ coup  U coup  _ 

proper  -  W  ~  (J 
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(22) 


Figure  2  shows  the  theoretical  relationship  between  the  "apparent"  and  "proper"  coupling  coefficients  for  the  piezoelectric 
bimorph  and  the  axial  pre-load.  Two  pairs  of  curves  are  shown:  the  lower  pair  corresponds  to  the  nominal  case  of  material 
coupling  of  0.34,  while  the  upper  pair  corresponds  to  material  coupling  of  0.70.  In  all  cases,  the  device  coupling  coefficient 
increases  initially  as  the  load  increases  from  zero.  For  both  inherent  material  coupling  values,  the  "apparent"  coupling 
coefficient  approaches  1.0  as  the  load  approaches  the  buckling  load,  while  the  "proper"  coupling  coefficient  attains  a 
maximum  value,  then  approaches  0.0  with  increasing  load.  Even  at  modest  pre-load  levels,  device  coupling  coefficients  can 
increase  substantially  from  their  unloaded  values,  and  can  exceed  the  coupling  coefficient  of  the  active  material  used. 
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The  destabilizing  pre-load  is  observed  to  increase  bimorph  device  coupling  coefficients,  by  either  definition.  In  practice, 
however,  because  the  pre-load  may  be  obtained  by  passive  design,  the  "apparent"  coupling  coefficient  may  be  a  better  measure 
of  the  useful  coupling  between  mechanical  and  electrical  signals. 


5.  EXPERIMENTAL 

An  experiment  was  performed  to  investigate  the  effect  of  a  compressive  axial  pre-load  on  the  apparent  coupling  coefficient  of 
a  piezoelectric  bimorph.  The  experimental  bimorph  consisted  of  a  built-up  beam  under  clamped-clamped  boundary  conditions. 
As  shown  in  Figure  3,  the  built-up  beam  comprised  a  brass  base  beam  and  two  piezoelectric  plate  elements  (Piezo  Kinetics 
Incorporated  PKI  500  Lead  Zirconate  Titanate). 

□  Brass  base  beam  (0.830"  thick,  0.500"  wide) 

■  PZT  (0.861 "  thick,  0.500"  wide) 


Figure  3.  Piezoelectric  bimorph  specimen 

Table  1  summarizes  the  material  properties  of  the  bimorph  specimen.  The  PZT  was  bonded  to  the  brass  beam  with  Devcon  5 
Minute®  Epoxy.  A  small  amoGnt  of  conducting  epoxy  (Emerson  &  Cuming  Eccobond  Solder  56C  mixed  with  Catalyst  9) 
was  used  on  a  tiny  area  of  the  bond  surface  to  ensure  electrical  conduction  of  the  PZT  electrodes  to  the  brass  beam,  which  was 
used  as  an  electrical  terminal. 
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Table  1.  Bimorph  material  and  geometry 


Material 

Property 

Brass  Base 
Beam 

Lead  Zirconate 
Titanate  PKI 500 

modulus  [N/mA2] 

105.0E+9 

64.9E+9  * 

density  [kg/mA3] 

8470 

7600 

gage  length  [mm] 

75 

75 

width  [mm] 

12.7 

12.7 

thickness  [mm] 

0.8306 

0.8611, 

coupling  coefficient 

— 

0.34 

*  short-circuit  modulus 


Clamped-clamped  boundary  conditions  were  simulated  by  clamping  the  uncovered  brass  beam  ends  between  two  pieces  of 
0.375”  x  0.750”  x  2.500”  aluminum  bar  stock,  as  shown  in  Figure  4.  The  ends  of  the  brass  base  beam  were  made  flush  with 
the  outside  surfaces  of  the  aluminum  clamps  and  a  small  gap  was  left  between  the  inside  surface  of  the  aluminum  clamps  and 
the  PZT.  This  configuration  ensured  the  axial  load  would  only  be  applied  to  the  brass  base  beam,  thus  avoiding  direct  axial 
loading  of  the  attached  PZT.  Screws  were  used  to  hold  the  aluminum  blocks  in  place  and  to  prevent  any  rotation  of  the 
bimorph  specimen  at  the  clamp  ends.  Electrical  leads  were  attached  using  a  low  temperature  solder. 


Figure  4.  Simulated  clamped-clamped  bimorph  test  apparatus 

The  boundary  conditions  differed  from  those  assumed  in  the  preceding  theoretical  section  because  a  clamped  boundary  was 
significantly  easier  to  implement  than  a  simply-supported  condition.  The  clamped  boundary  in  combination  with 
piezoelectric  elements  that  were  nearly  as  long  as  the  gage  length  of  the  base  beam  reduced  the  nominal  coupling  coefficient 
substantially. 

The  electrical  impedance  of  the  bimorph  was  determined  experimentally  by  measuring  the  ratio  of  voltage  to  current  (Vfl)  in  a 
circuit  including  the  bimorph.  Figure  5  shows  a  schematic  of  the  circuit  used  in  the  measurement.  The  resistor  in  the 
circuit,  R,  was  much  smaller  than  the  impedance  of  the  bimorph  (R  «  IQ).  Thus,  the  current  in  the  resistor  (also  the  current 
in  the  bimorph)  was  proportional  to  and  thus  approximately  equal  to  the  voltage  across  the  resistor.  Because  the  voltage  drop 
across  the  bimorph  was  much  larger  than  the  voltage  drop  across  the  resistor,  the  voltage  across  the  bimorph  was  very  nearly 
equal  to  the  drive  voltage. 

The  device  electrical  impedance  was  measured  using  a  Hewlett  Packard  3563A  Control  System  Analyzer.  The  initial  drive 
voltage  used  was  a  1.5  Vims  periodic  chirp  signal  from  0  to  1.6  kHz.  Channel  #1  of  the  signal  analyzer  measured  the  voltage 
across  the  resistor  (proportional  to  the  current  in  the  bimorph),  and  channel  #2  measured  the  total  applied  voltage  (the  voltage 
across  the  bimorph).  The  resulting  complex  frequency  response  measurement  is  proportional  to  the  electrical  impedance. 
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A  low  frequency  zero  was  introduced  as  a  result  of  the  impedance-measuring  approach  The  frequency  of  the  next  zero 
(minimum  value),  fz,  corresponded  to  the  short-circuit  natural  frequency  of  the  bimorph,  as  V  was  very  nearly  zero.  The 
frequency  of  the  nearby  pole  (maximum  value),  fp,  corresponded  to  the  open-circuit  natural  frequency  of  the  bimorph,  as  1  was 
very  nearly  zero.  The  apparent  coupling  coefficient  was  determined  using  Eq.  9. 


Drive 

Voltage 


to  analyzer  channel  #2 
(proportional  to  voltage 
in  bender) 

to  analyzer  channel  #1 
(proportional  to  current 
in  bender) 


Figure  5.  Schematic  of  bimorph  electrical  impedance  measurement  circuit 

The  ratio  of  the  axial  load  to  the  critical  load  (P/PCr)  for  a  given  data  point  was  estimated  from  the  change  in  short-circuit 
frequency,  f2  (relative  to  its  initial  no-load  value,  fzQ),  using  the  following  relation: 


P/PCT  =  1~ 


Ud 


(23) 


A  compressive  axial  load  was  applied  to  the  specimen  using  a  large  adjustable  damp,  as  shown  in  Figure  6. 


fixed  jaw  steel  spacer  movable  jaw 


Figure  6.  Experimental  apparatus 

Testing  proceeded  as  follows:  First,  the  bimorph  was  placed  between  the  jaws  of  the  adjustable  clamp  with  just  enough 
pressure  to  ensure  that  the  aluminum  bimorph  clamps  could  not  move  axially  or  rotate.  This  was  considered  the  no-load 
condition.  A  frequency  response  measurement  of  electrical  impedance  was  made  using  a  periodic  chirp  drive  voltage  signal 
between  0  and  1.6  kHz.  Next,  a  swept  sine  measurement  was  made  over  a  much  smaller  frequency  range  containing  the  zero 
and  pole  frequencies.  A  curve  fit  of  the  swept  sine  data  yielded  numerical  estimates  for  the  zero  and  pole  frequencies. 
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After  curve  fitting  the  swept  sine  data,  the  load  was  increased  slightly  and  the  measurement  process  repeated.  Figure  7  shows 
plots  of  device  electrical  impedance  for  two  load  cases,  P/PCr  =  0.35  (solid  line)  and  P/PCr  =  0-50  (dashed  line).  Note  that 
both  tne  short-circuit  and  open-circuit  natural  frequencies  decrease  as  the  load  increases,  but  that  the  relative  separation 
increases.  This  increasing  separation  corresponds  to  an  increase  in  apparent  coupling  coefficient. 


Figure  8  shows  the  measured  apparent  device  coupling  coefficient  as  a  function  of  axial  load.  The  symbols  indicate  the 
measured  data,  while  the  solid  line  is  a  curve  fit  based  on  the  model  described  in  the  preceding.  In  this  curve  fit,  only  the 
unloaded  coupling  coefficient  was  regarded  as  unknown.  Note  that  the  coupling  coefficient  increases  substantially  as  the 
compressive  pre-load  increases.  In  addition,  note  the  general  agreement  of  the  data  with  theory. 
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6.  SUMMARY  AND  CONCLUSIONS 


A  class  of  devices  was  recently  identified  in  which  the  apparent  coupling  coefficient  can.  in  principle,  approach  1.0, 
corresponding  to  perfect  electromechanical  energy  conversion  The  key  feature  of  this  class  of  devices  is  the  use  of 
destabilizing  mechanical  pre-loads  to  counter  inherent  stiffness.  The  approach  was  illustrated  for  a  piezoelectric  bimorph 
device:  theory  predicts  a  smooth  increase  of  the  apparent  coupling  coefficient  with  pre-load,  approaching  1.0  at  the  buckling 

load.  An  experiment  verified  the  trend  of  increasing  coupling  with  pre-load 

From  energy  considerations  two  alternative  device  coupling  coefficients  were  defined:  an  "apparent"  coupling  coefficient  that 
treats  the  destabilizing  pre-load  as  a  reduction  in  stiffness;  and  a  "proper"  coupling  coefficient  that  explicitly  treats  the  pre-load 
as  a  source  of  mechanical  work  on  the  device.  By  either  definition,  device  coupling  coefficient  increases  initially  as  the  pre¬ 
load  increases  from  zero.  As  the  load  continues  to  increase  towards  the  critical  buckling  load,  the  "apparent"  coupling 
coefficient  approaches  1.0,  while  the  "proper"  coupling  coefficient  attains  a  maximum  value,  then  approaches  0.0.  Even  at 
modest  pre-load  levels,  device  coupling  coefficients  can  increase  substantially  from  their  unloaded  values,  and  can  exceed  the 
coupling  coefficient  of  the  active  material  used.  In  practice,  because  the  pre-load  may  be  obtained  by  passive  design,  the 
apparent  coupling  coefficient  may  be  a  better  measure  of  the  useful  coupling  between  mechanical  energy  associated  with 
transverse  motion  and  electrical  energy. 

This  approach  provides  a  way  to  simultaneously  increase  both  the  operating  displacement  and  force  of  a  device,  distinguishing 
it  from  alternatives  such  as  motion  amplification,  and  may  allow  transducer  designers  to  achieve  substantial  performance 
gains  for  some  kinds  of  actuator  and  sensor  devices. 
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Discrete-frequency  axial-flow  fan  noise  reduction  using  active  noise  control  is  described.  The 
unique  aspect  of  the  current  research  is  the  use  of  the  fan  itself  as  the  antinoise  source  in  the  active 
noise  control  scheme.  This  is  achieved  by  driving  the  entire  fan  unit  axially  with  an  electro  dynamic 
shaker  which  mechanically  couples  the  solid  surfaces  of  the  fan  to  the  acoustic  medium.  The  fan 
unit  is  thus  transformed  into  a  crude  loudspeaker.  A  near-field  microphone  serves  as  an  error  sensor, 
where  transfer  function  measurements  between  the  electrical  input  to  the  shaker  and  the  electrical 
output  of  the  microphone  are  found  to  be  reasonably  flee  of  phase  distortions  and  linear.  A 
feedforward  algorithm  utilizing  the  output  of  a  tachometer  as  a  reference  signal  is  used.  The 
experimental  apparatus  is  composed  of  a  baffled  fan  unit  in  a  flee  field.  A  small'  cylindrical  flow 
obstruction  is  placed  on  the  inlet  side  of  the  fan  to  enhance  noise  emissions  at  the  blade-pass 
frequency  and  harmonics.  The  experiment  successfully  demonstrates  the  concept  of  active  control 
of  tonal  fan  noise  using  a  shaken  fan  as  the  cancellation  source.  For  the  fan  operating  in  a  planar 
baffle,  the  fundamental  blade-passage  frequency  sound-pressure  level  at  the  location  of  the  error 
sensor  is  reduced  by  20  dB,  while  the  second  and  third  harmonic  levels  are  reduced  by  IS  and  8  dB, 
respectively.  Placing  a  cabinet  enclosure  over  the  baffled  fan  did  not  affect  these  results 
significantly,  and  free -field  sound  power  measurements  indicate  similar  level  reductions  with  the 
active  control  in  operation.  ©  1997  Acoustical  Society  of  America.  [S000 1-4966(97)001 12-4] 

PACS  numbers:  43.50.Ed,  43.50.Ki,  43.28.Ra  [GAD] 


INTRODUCTION 

Under  the  long-wavelength  (relative  to  rotor  diameter) 
constraints  of  compactness,  a  subsonic  fan,  either  baffled  or 
unbaffled,  radiates  acoustic  energy  because  of  both  steady 
and  unsteady  aerodynamic  forces  generated  by  the  rotating 
blades.  For  typical  fans  operating  in  air,  the  blades  are  usu¬ 
ally  assumed  rigid.  The  steady  forces  on  fan  blades  generate 
the  thrust  of  the  fan.  but  because  they  are  rotating,  they  also 
create  a  steady-loading  noise  component.  The  mechanism  for 
steady-loading  noise  (Gutin  noise)  is  the  time-dependent  dis¬ 
tance  between  the  individual  steady  forces  on  the  blades  and 
the  observer.  This  component  radiates  sound  at  the  blade¬ 
passing  frequency  (BPF)  given  by  the  number  of  fan  blades 
multiplied  by  the  shaft  speed.  The  predominant  direction  of 
radiation  is  90°  to  the  fan  axis,  where  the  time  variation  in 
distance  between  any  given  blade  and  a  fixed  observation 
point  is  maximum.  This  type  of  noise  begins  to  dominate 
other  fan  noise  mechanisms  only  under  the  conditions  of 
very  high  blade  tip  speeds  (very  high  subsonic  and  super¬ 
sonic  conditions)  and  clean  inflow/outflow  conditions. 

Unsteady  blade  forces  result  when  the  blades  pass 
through  spatially  nonuniform,  time  invariant  flow  fields. 
Such  situations  occur  when  the  fan  is  operated  close  to  ob¬ 
structions  that  can  disrupt  an  otherwise  uniform  inflow.  As 
the  blades  pass  through  these  regions,  the  magnitude  and 
direction  of  the  local  velocity  incident  to  the  blade  sections 
varies  with  circumferential  position.  This  gives  rise  to  a  local 
blade  section  lift  and  drag  force  that  varies  periodically  with 
time.  Dipole  sound  is  produced  by  these  fluctuating  forces  at. 
harmonics  of  the  BPF.  Peak  sound  pressure  occurs  along  the 
axis  of  the  fan  for  the  lower  harmonics.  In  addition  to  the 


spatially  nonuniform,  time  invariant  flows,  random  flow 
variations  due  to  turbulence  and  unsteady  upstream  condi¬ 
tions  may  also  be  present  These  stochastic  flow  variations 
cause  random  blade  forces  which  lead  to  a  broadband  com¬ 
ponent  of  sound  radiation.  The  level  of  sound  at  the  harmon¬ 
ics  of  the  BPF,  however,  are  usually  many  dBs  above  the 
broadband  components.  The  BPF  tones  are  therefore  impor¬ 
tant  to  suppress  (initially)  in  a  fan  noise  reduction  program. 

There  has  been  considerable  interest  and  fundamental 
research  on  the  use  of  active  noise  control  (ANC)  to  reduce 
the  level  of  discrete-frequency  noise  radiated  from  fans, 
blowers,  and  turbomachines.  One  of  the  first  demonstrations 
of  this  technology  was  by  Ffowcs  Williams1  on  a  British  Gas 
Corp.  gas  turbine.  Koopmann  et  al?  and  Neise  and 
Koopmann3'4  were  able  to  actively  control  the  tonal  emis¬ 
sions  from  a  centrifugal  blower  operating  in  a  duct,  while 
Mendat  etal.5  achieved  active  attenuation  of  the  random 
noise  components  as  well.  Felli  et  al.6  demonstrated  active 
blower  noise  control  in  a  duct  while  using  the  reciprocal 
characteristics  of  a  loudspeaker  to  permit  replacement  of  the 
more  conventional  microphone  error  sensor  by  a  loud¬ 
speaker.  Ducted  propeller  or  blower  ANC  is  relatively 
straightforward  to  accomplish  for  the  plane-wave  propagat¬ 
ing  pressure  components  due  to  their  one-dimensional  na¬ 
ture.  To  actively  cancel  higher-order  duct  modes  requires  an 
array  of  synchronously  phased  antinoise  sources  in  the 
duct.3,4  Sutliff  and  Nagel7  have  also  made  progress  at  doing 
this  for  a  ducted  propeller  through  use  of  a  feedforward  ANC 
algorithm  that  uses  a  rotor  blade  position  sensor  as  a  refer¬ 
ence. 

Studies  of  active  noise  control  for  fans  situated  in  the 
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FIG.  1.  On-txii  f«r-field  »ound-presiurt  level  from  the  >htken  fen  unit  relative  to  the  BPF  ton.)  .owd-pretiure  level  radiated  by  the  tame  fan  in  free-delivery 
operation.  The  independent  variable  it  the  apparent  electrical  power  tupplied  to  the  mechanical  thaker. 


open  field  or  in  baffles  arc  not  numerous  Quinlan*  was  suc¬ 
cessful  in  reducing  the  blade-passage  tones  of  an  axial-flow 
cooling  fan  mounted  in  a  planar  rigid  baffle.  Located  next  to 
the  fan  in  the  baffle  was  the  antinoise  loudspeaker.  The  baffle 
apparently  tends  to  bring  the  fan  directivity  into  axial  sym¬ 
metry  and  makes  it  more  uniform.  With  the  antinoise  source 
and  baffled  (compact)  fan  noise  source  having  similar  direc¬ 
tivities,  global  far-field  noise  reduction  of  10  dB  was 
achieved  for  the  first  two  harmonics  of  the  blade-passage 
frequency  components. 

The  goal  of  the  research  presented  in  this  paper  is  to 
investigate  the  use  of  the  fan  itself  as  an  antinoise  source  in 
the  active  control  of  the  tonal  emissions  from  an  acoustically 
compact,  baffled,  axial-flow  fan.  Chiu  et  al9  used  cohererce 
function  measurements  between  a  small,  fan-mounted  force 
sensor  and  a  far-field  microphone  to  show  that  the  radiation 
at  the  first  several  harmonics  of  the  BPF  was  due  entirely  to 
the  total  integrated  (over  the  plane  of  the  rotor)  unsteady 
rotor  force.  This  result  suggests  that  the  appropriate  antinoise 
actuator  in  ANC  schemes  for  compact  fans  should  be  a  me¬ 
chanical  shaker,  or  similar  device  that  can  generate  con¬ 
trolled  unsteady  forces  on  the  primary  source.  Furthermore,  a 
shaken  fan  secondary  source,  if  acoustically  efficient  would 
be  collocated  with  the  primary  aerodynamic  fan  noise 
sources  which  would  be  a  significant  advantage  in  global 
noise  control  where  directivity  issues  are  of  concern.  In  the 
experiments  described  below,  we  use  a  small  commercially 
available  electronic  cooling  fan  as  a  the  primary  fan  noise 
source.  It  is  mounted  directly  to  a  electrodvnamic  shaker  and 
the  entire  assembly  is  mounted  in  a  rigid  planar  baffle.  A 
feedforward  ANC  algorithm  is  used  to  control  the  shaker  so 
that  global  cancellation  of  the  far-field  tonal  fan  noise  emis¬ 
sions  is  achieved.  A  tachometer  provides  the  refererce  signal 
for  the  algorithm,  which  consists  of  a  pulse  for  each  blade 
passage,  and  a  microphone  is  used  to  supply  tte  error  signal 
A  feasibility  study  is  also  described  that  provides  informa¬ 
tion  on  the  efficiency  of  a  shaken  fan  as  an  acoustic  radiator. 

I.  FEASIBILITY  OF  USING  SHAKEN  FAN  AS 
ANTINOISE  SOURCE 

A  basic  issue  that  needs  to  be  addressed  in  the  determi¬ 
nation  of  whether  or  not  a  particular  fan  unit  can  be  success¬ 
fully  implemented  in  the  proposed  ANC  scheme  is  w  hether 
the  shaken  fan  unit  produces  substantial  acoustic  radiation 
for  a  reasonable  power  input  to  the  shaker.  Another  issue  to 


be  addressed  is  the  fan  noise  directivity'.  It  is  desirable  to 
have  the  directivity  patterns  of  the  primary  arel  secondary 
sources  identical.  These  issues  are  addressed  experimentally 
for  a  given  fan  unit. 

A.  Shaken  fan  feasibility  tests 

Experiments  involving  shaker-induced  radiation  from 
the  fan  unit  were  conducted  in  the  flow-through  anechoic 
chamber10  located  al  the  Applied  Research  Laboratory  of 
Perm  State  University.  A  Nidec,  82-mm-diam  plastic  fan  was 
fitted  with  an  aluminum  disk  on  the  back  of  its  frame,  which 
allowed  for  connection  to  a  Wilcoxon,  Type  F3  electromag¬ 
netic  shaker  via  a  stinger  which  was  fabricated  from 
stainless-steel  rod  The  stinger  was  aligned  along  the  axis  of 
fan  rotation.  The  shaker/fan  assembly  was  mounted  to  a  rigid 
stand  such  that  the  fan  axis  was  vertical.  Tests  were  con¬ 
ducted  with  the  stand  isolated  above  the  anechoic  wedges; 
the  fan  was  unbaffled  The  effect  of  the  fan  flow  field  on  the 
radiation  from  the  shaken  fan  unit  was  investigated  by  sim¬ 
ply  operating  the  fan  simultaneously  with  the  shaker. 

A  B&K  Type  4136  microphone  (1/4-in)  was  suspended 
1  m  above  the  fan  blades  on  the  inlet  side;  its  signal  was 
analyzed  on  an  HP  35  665A  spectrum  analyzer.  In  order  to 
calculate  the  apparent  electrical  power"  consumed  by  the 
shaker,  a  voltmeter  was  placed  in  parallel  and  an  ammeter  in 
series  with  the  electrical  connections  to  the  shaker.  For  cer¬ 
tain  tests  the  fan  was  swiveled  180°  to  reverse  the  direction 
of  airflow. 

The  fan  was  shaken  at  264  Hz  which  is  its  free-delivery 
fundamental  BPF.  Figure  1  shows  the  measured  on-axis 
acoustic  pressure  (/>,)  at  1  m  as  a  function  of  the  apparent 
electrical  power  supplied  to  the  shaker.  Here,  the  dB  level  is 
referenced  to  the  on-axis  acoustic  pressure  {pf,  also  at  1  m) 
which  is  produced  by  the  normal  free-delivery  operation  of 
the  fan  at  the  BPF  (while  the  shaker  was  off).  It  is  seen  that 
the  shaken  fan  radiation  matches  the  pressure  amplitude  gen¬ 
erated  by  the  aerodynamic  fan  noise  mechanisms  when  ap¬ 
proximately  0.1  W  of  apparent  power  is  supplied  to  the 
shaker.  Figure  1  also  demonstrates  that  with  a  sufficient  sup¬ 
ply  of  electrical  power,  the  acoustic  pressure  response  from 
the  shaken  Nidec  fan  can  produce  much  greater  acoustic 
pressures  than  the  fan  in  operation.  These  results  suggest  that 
the  shaken  fan  can  act  as  a  crude  loudspeaker  and  is  hence 
capable  of  serving  as  the  antinoise  source  in  ANC  applica¬ 
tions 


342  J.  Acoust  Soc.  Am.,  Vol.  101,  No  1,  January  1997 


Lauchle  ef  §! :  Active  control  of  fan  noise  342 


FIG.  2.  Far-field  directivity  patterns  for  the  unbaffled  fan  radiation  at  the 
first  three  harmonics  of  the  BPF.  The  90°  axis  corresponds  to  the  fan  axis  on 
the  inlet  side. 

Additional  data  of  the  type  shown  in  Fig.  1  have  been 
obtained  for  off-axis  positions  of  the  microphone,  the  fan, 
and  shaker  in  operation  at  the  same  time,  and  again  with  the 
flow  direction  reversed.12’13  In  all  of  these  situations  the 
shaken  fan  was  found  to  create  sufficient  acoustic  energy  to 
warrant  its  use  as  an  antinoise  source.  However,  it  was  ob¬ 
served  that  when  the  flow  from  the  fan  was  reversed  and 
directed  toward  the  microphone  (which  was  1-m  away  and 
uninfluenced  by  the  flow),  the  shaken  fan  acoustic  pressure 
amplitude  was  about  2  dB  less  than  the  case  when  the  flow 
was  away  from  the  microphone.  This  is  explained  as  a 
change  in  radiation  impedance  due  to  flow.  An  analysis  by 
Muehleisen14  has  predicted  this  level  of  change  for  the  typi¬ 
cal  mean  flow  velocity  of  this  faa 

B.  Fan  directivity  characteristics 

Unbaffled  axial  flow  fan  units  are  reported  to  produce 
skewed  directivity  patterns.*  A  nonsymmetric  fan  directivity 
pattern  would  suggest  that  complicated  ways  of  shaking  the 
fan  would  be  necessary  in  order  to  most  effectively  cancel 
the  fan  noise.  Radiation  patterns  for  the  type  of  fan  unite 
considered  here  are  measured  under  unbaffled  are!  baffled 
conditions  in  order  to  obtain  knowledge  about  the  source 
type  and  to  determine  the  effect  of  the  baffle  on  the  radiation 
pattern.  All  directivity  patterns  were  measured  at  1  m  from 
the  fan  in  the  free  field.  A  movable  microphone  boom  pro¬ 
vided  measurements  in  increments  of  5°.  The  unbaffled  di¬ 
rectivity  patterns  for  the  first  three  harmonics  of  the  BPF  of 
the  Nidec  fan  are  shown  in  Fig.  2.  In  order  to  obtain  results 
which  were  repeatable  within  ±  1.5  dB,  each  data  point  re¬ 
quired  300  spectral  averages  over  a  frequency  bandwidth  of 
1.6  kHz.  The  sampling  rate  was  4096  Hz.  It  is  clear  from  tie 
results  shown  on  this  figure  that  the  unbaffled  fan  has  com¬ 
plicated  directivity  characteristics.  The  pattern  for  the  first . 
harmonic  could  be  interpreted  as  dipolelike,  but  it  is  skewed 
off-axis  by  some  60°.  The  patterns  for  the  second  and  third 


FIG.  3.  Sketch  of  the  experimental  setup  for  measuring  baffled  fan  direc¬ 
tivity  patterns. 

harmonics  cannot  be  interpreted  in  terms  of  simple  dipole 
radiation  patterns.  These  results  are  very  consistent  with 
those  reported  by  Quinlan8  for  a  different  but  similar  fan. 
The  reason  for  the  skewness  is  not  known  precisely,  but  it 
may  be  a  result  of  asymmetries  in  the  fan  construction  that 
result  in  peak  aerodynamic  forces  being  directed  off-axis. 

When  the  acoustically  compact  fan  unit  is  shaken  as 
described  above,  one  would  expect  dipole  directivity  of  the 
sound  pressure  with  an  on-axis  peak.  Placement  of  the  fan  in 
a  baffle,  such  as  that  depicted  schematically  in  Fig.  3,  would 
transform  the  dipole  source  directivities  into  monopole  direc¬ 
tivities.  Figure  4  shows  the  baffled  fan  directivity  patterns 
measured  on  the  inlet  side  of  the  fan.  The  patterns  are  clearly 
more  uniform  than  in  the  unbaffled  case,  which  is  favorable 
from  the  ANC  viewpoint  The  directivity  patterns  on  the  out¬ 
let  side  of  the  fan  were  measured  also13  and  fourxi  to  be 
nearly  identical  to  those  shown  in  Fig.  4.  These  experimental 
results  confirm  the  findings  of  Quinlan.8  They  indicate  that 
baffled  fan  ANC  should  be  simpler  to  achieve  than  unbaffled 
fan  ANC  when  the  secondary  source  is  of  the  dipole  type 
(loudspeaker  or  shaken  fan  unit)  and  located  in  the  planar 
baffle  containing  the  fan. 

II.  EXPERIMENTAL  ACTIVE  FAN  NOISE  CONTROL 

An  experiment  is  constructed  to  demonstrate  reduction 
in  tonal  noise  from  an  axial-flow  fan  in  which  the  fan  is 
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FIG.  4.  Fir-field  directivity  patterns  for  the  baffled  fin  ridiition  from  the 
inlet  tide  it  the  first  three  hmmonics  of  the  BPF. 

shaken  to  produce  antisound.  A  Filtered-X  control 
algorithm1516  is  implemented  and  responds  only  to  the  tonal 
components  in  the  fan  spectrum  for  this  experiment  Tte 
Filtered-X  algorithm  is  a  feedforward  algorithm  that  uses  an 
independent  reference  signal  related  to  the  tones  of  the  pri¬ 
mary  source.  Because  the  tones  of  interest  are  the  harmonics 
of  the  BPF,  a  simple  optical -type  tachometer  is  used  for  the 
reference. 

A.  Experimental  setup 

Elements  of  the  Filtered-X  active  noise  control  experi¬ 
mental  setup  are  shown  schematically  in  Fig  5.  In  this  sy  s¬ 


tem,  the  primary  noise  is  the  noise  generated  by  the  fan  in 
operation  and  the  secondary  noise  is  the  acoustic  signal  pro¬ 
duced  by  the  shaken  fan.  The  error  signal  is  the  electrical 
output  of  a  microphone  placed  on  the  inlet  side  of  the  fan 
unit,  and  an  independent  reference  signal  is  provided  by  the 
optical  tachometer.  The  optical  sensor  is  placed  above  the 
fan  and  is  sensitive  to  the  passing  of  reflective  strips  located 
on  the  leading  edge  of  each  blade.  The  signal  from  the  sensor 
is  coherent  at  the  BPF  in  addition  to  the  higher  harmonics 
because  the  voltage  pulse  is  rectangular  in  shape;  tl*  Fourier 
transform  of  these  periodic  pulses  produces  a  harmonic  train 
The  optical  sensor  is  insensitive  to  the  motion  of  the  axially 
shaken  fan  because  the  reflective  strips,  which  the  optical 
sensor  monitors,  pass  orthogonally  to  tie  axis  of  the  fan  An 
independent  reference  signal  for  the  controller  is  therefore 
produced  by  the  optical  sensor. 

The  height  of  the  error  microphone  above  the  fan  unit 
was  typically  a  fan  diameter  or  more  and  was  often  moved  to 
verify  .no ise  cancellation  observations  The  sevcn-bladed  fan 
was  mounted  in  a  plyw  ood  baffle  such  that  its  inlet  side  was 
flush  to  the  surface  of  the  baffle  The  gap  between  the  fan 
housing  and  the  baffle  was  5  mm  such  that  the  housing  was 
not  in  physical  contact  with  the  baffle  The  fan  was  sup¬ 
ported  completely  by  the  Wilcoxon  shaker  which  was  rigidly 
mounted  to  a  platform  located  underneath  the  baffle.  A  small 
cylindrical  rod  was  placed  across  the  center  of  the  fan  at  an 
axial  distance  of  approximately  O.LK  from  the  fan  hub, 
where  R  is  the  fan  blade  tip  radius.  This  distance  is  close 
enough  to  cause  an  increase  in  the  tonal  fan  noise  compo¬ 
nents  due  to  the  wake  of  the  obstruction.17  Enhancement  of 
the  BPF  tones  by  operating  the  fan  in  a  time-invariant,  non- 
uniform  inflow  field  seems  appropriate  because  most  practi¬ 
cal  installations  result  in  such  an  inflow.  The  experiment  was 


FIG  J  Sketch  of  the  experiment*!  setup  used  to  demonstrate  active  fin  noise  control 
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FIG.  6.  Fihercd-X  adaptive  noise  cancellation  block  diagram  used  for  axial 
fan  noise  reduction. 

conducted  in  the  anechoic  chamber  described  in  Sec.  I  A, 
with  acoustic  spectral  analysis  being  performed  using  the 
same  HP  analyzer.  Sound  power  measurements  followed 
standard  procedure.18 

B.  Control  algorithm 

Figure  6  presents  a  block  diagram  representing  the  sig¬ 
nal  processing  and  control  for  the  active  fan  noise  controller 
using  a  Filtered-X  algorithm.15  The  reference  signal  x,  is 
generated  by  the  optical  sensor  described  in  Sec.  II  A.  The 
Fourier  transform  of  the  reference  signal  pulse  train  reveals 
exactly  the  same  harmonic  frequencies  as  the  tonal  acoustic 
noise  generated  by  the  fan.  The  block  P  in  Fig.  6  represents 
the  transfer  function  relating  the  magnitude  and  phase  of  the 
reference  signal  pulse  train  to  that  for  the  acoustic  noise  at 
the  fan  location.  The  block  S  represents  the  transfer  function 
for  the  shaker/fan  assembly  relating  the  electrical  input 
yvt  _  i  to  the  acoustic  response  at  the  fan  location  The  block 
E  represents  the  transfer  function  of  the  error  sensor  where 
the  input  is  the  acoustic  noise  in  the  near  field  of  the  fan,  and 
the  output  is  the  electrical  response  of  the  microphone  to  this 
field.  Clearly,  if  the  adaptive  control  filter  A  adapts  to  a 
transfer  function  approximating  -P/S,  the  vibrations  of  the 
shaker/fan  assembly  and  the  unsteady  forces  of  the  blades 
are  superimposing  in  a  way  which  suppresses  the  radiated 
acoustic  tonal  noise.  This  is  because  the  reference  signal  only 
contains  harmonics  coherent  with  the  tonal  acoustic  noise. 

We  chose  a  passive  system  identification  strategy16  for 
the  adaptive  controller  because  we  do  not  wish  to  risk  in¬ 
creasing  the  broadband  noise  of  the  actively  controlled  faa 
For  the  reference  signal  to  be  properly  correlated  to  the  error 
signal  in  the  adaptive  least-mean-square  (LMS)  algorithm  for 
the  controller  A,  we  must  filter  x,  by  the  transfer  function 
represented  by  the  product  SE,  where  the  output  is  the  elec¬ 
trical  signal  from  the  error  microphone  and  the  input  is  the 
electrical  control  signal  to  the  shaker/fan  assembly.  The  C 
adaptive  block  in  Fig.  6  models  the  SE  transfer  function  and 
the  D  adaptive  block  models  the  PE  transfer  function  at  the 
frequencies  present  in  the  reference  signal  x,  and  the  control 
output  signal  v,/,_i.  The  notation yt/l.]  depicts  the  fact  that 


the  digital  control  signal  at  the  shaker  at  time  t  was  generated 
by  the  adaptive  filter  last  updated  at  time  r-1.  This  delay  is 
important  physically  as  it  indicates  an  unavoidable  linear 
phase  component  in  the  SE  transfer  function.  If  the  filter 
model  C  has  the  proper  phase  response  at  the  reference  sig¬ 
nal  frequencies,  the  Filtered-X  should  converge  without  dif¬ 
ficulty.  It  is  necessary  to  update  the  three  LMS  filters  D,  C, 
and  A  in  real  time  due  to  the  changing  transfer  function 
responses  in  a  real  fan  noise  application. 

To  insure  C  has  the  correct  phase,  a  second  system  iden¬ 
tification  filter  D  is  used  to  model  the  forward  PE.  The  sum 
of  the  outputs  of  the  forward  model  D  and  error  model  C 
give  a  prediction  of  the  error  signal  e, .  The  difference  be¬ 
tween  the  true  error  signal  from  the  microphone  and  the  pre¬ 
diction  of  the  error  signal  is  used  to  update  the  two  LMS 
filters  used  in  the  passive  system  identification.  Its  operation 
is  self-correcting  as  long  as  a  reference  signal  x,  and  a  con¬ 
trol  signal  ytit-i  are  present  (i.e.,  both  signals  are  nonzero). 
If  the.  control  output  is  low,  then  the  error  signal  is  domi¬ 
nated  by  the  forward  plant  and  D  is  a  good  match  to  PE, 
allowing  C  to  model  SE  with  the  residual.  Conversely,  if  the 
control  output  is  exceedingly  high,  the  error  signal  is  domi¬ 
nated  by  the  SE  loop  allowing  C  to  closely  model  the  error 
plant  and  D  to  model  PE  with  the  residual.  If  the  error  signal 
becomes  quite  small  (the  goal  of  the  ANC  system),  all  of  the 
adaptive  filters  slow  down  and  converge  on  the  desired  re¬ 
sult.  Passive  on-line  system  identification  is  important  to 
axial  fan  ANC  because  flow  rates  and  the  corresponding 
plant  time  delays  are  always  changing  and  tire  addition  of 
broadband  noise  is  unacceptable,  it  is  noted  that  SE  is  the 
transfer  function  defined  as  the  response  of  the  error  sensor 
when  a  white  noise  input  signal  to  the  shaker  amplifier  is 
applied  in  the  absence  of  a  primary  excitation  signal.  Figure 
7  shows  the  magnitude  and  phase  of  this  function  determined 
experimentally.  The  linear  phase  response  is  expected  for  a 
simple  delay  path  associated  with  acoustic  propagation  from 
the  fan  to  the  error  sensor. 

A  numerical  simulation  of  the  operations  depicted  in 
Figs.  5  and  6  has  been  carried  out.13  The  results  indicate  that 
the  algorithm  of  Fig.  6  operates  only  on  causal,  periodic 
signals.  Discrete-frequency  noise  was  thus  canceled  com¬ 
pletely  in  the  simulations.  The  simulation  also  included 
broadband  random  components  of  primary  noise,  but  these 
were  not  canceled  by  the  Filtered-X  algorithm  because  they 
simply  were  not  part  of  the  tachometer  reference  signal.  If  a 
microphone  reference  sensor  was  used,  rather  than  the  ta¬ 
chometer,  the  broadband  noise  detected  at  the  fan  would 
very  likely  have  low  coherence  with  the  far-field  acoustic 
broadband  noise  due  to  localized  turbulent  flow  noise  at  the 
reference  position  which  would  not  be  present  at  the  far-field 
positioa  A  method  for  suppressing  local  turbulent  pressure 
fluctuations  on  a  microphone  in  a  flow  field  has  recently 
been  demonstrated,19  but  was  not  used  in  the  subject  inves¬ 
tigation. 

For  the  active  fan  noise  control  experiments,  the 
Filtered-X  algorithm  was  programmed  in  C  on  a  WE- 
DSP32C  floating-point  digital  signal  processing  board  which 
was  installed  in  an  IBM  PC  equipped  with  an  Intel  486DX 
processor  operating  at  33  MHz  with  a  Windows  3. 1  real-time 
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FIG.  7.  Frequency  response  characteristics  of  the  measured  error  paih  defined  by  the  ratio  of  the  Fourier  transform  of  the  input  to  the  shaker-to-the  Fourier 
transform  of  the  microphone  output 


user  interface,  also  written  in  C.  The  sample  rate  of  the  con¬ 
troller  was  selected  to  be  2  kHz  and  24  dB/octave  low-pass 
filters  were  set  at  900  Hz  and  placed  at  the  pre-A/D  and 
post-A/D  stages  of  the  digital  signal  processing  board 
Twenty  taps  (coefficients)  with  a  step  size  of  0.0005  were 
selected  for  the  adaptive  control  filter  Ten  taps  with  a  step 
size  of  0.04  were  selected  for  the  error  plant  SE  and  ten  taps 
w  ith  a  step  size  of  .05  were  selected  for  the  forward  plant  PE. 
On-line  passive  identification  of  the  error  plant  (being  the 
path  representing  the  input  to  the  shaker  amplifier-to-the  out¬ 
put  of  the  error  sensor)  was  executed  in  real  time  with  the 
adaptive  control.  Using  the  largest  step  size  for  the  D  filter 
(in  Fig.  6)  modeling  PE  allows  it  to  converge  fastest  fol¬ 
lowed  by  C  which  models  SE.  and  then  finally  the  A  adap¬ 
tive  filter,  which  converges  to  a  transfer  function  approxi¬ 
mating  -P/S  at  the  frequencies  of  the  tachometer  reference 
signal. 

C.  Results 

Typical  sound-pressure  level  spectra  for  the  error  sensor 
microphone  with  and  without  the  controller  on  are  presented 
in  Fig.  8.  The  error  microphone  was  situated  approximately 
19  cm  above  one  edge  of  the  fan  frame  on  the  inlet  side  The 
amount  of  cancellation  achieved  at  the  third  and  higher  har¬ 
monics  of  the  BPF  was  found  to  be  sensitive  to  the  actual 
location  of  the  error  sensor.  This  is  expected  because  the 
baffled  fan  directivity  patterns  become  less  uniform  at  higher 
harmonics  of  the  BPF.  Comparing  the  two  spectra  in  Fig  8 
reveals  a  20-dB  reduction  of  the  fundamental  BPF  tone, 
while  the  second  and  third  harmonic  levels  arc  reduced  by  15 
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and  8  dB,  respectively.  A  frequency  at  approximately  980  Hz 
is  also  reduced  This  component  is  related  to  the  shaft  rota¬ 
tion  speed  of  40  57  Hz  and  is  perhaps  due  to  a  mechanical 
resonance  of  the  fan  unit.  The  fourth  harmonic  of  the  BPF  at 
1.136  kHz  shows  an  8-dB  increase  with  the  controller  on. 
This  is  suspected  to  be  due  to  aliasing  because  the  low-pass 
filters  used  in  the  digital  signal  processing  board  were  set  at 
900  Hz.  the  sampling  Nyquist  frequency'  was  1  kHz,  and  the 
24  dB/octave  filter  roll-off  may'  not  be  sufficient  to  prevent  a 
residual  component  from  entering  the  presented  spectra 

The  sound  power  radiated  by  the  fan  with  and  without 
the  controller  on  was  measured  using  a  standard  12-point 
measurement  procedure18  on  the  inlet  side  of  the  fan  over  the 
baffle  A  hemispherical  surface.  0.5  m  in  diameter  was  used 
Figure  9  show  s  the  reduction  in  sound  power  level  (which  is 
indicative  of  global  noise  reduction)  with  the  controller  on  as 
a  function  of  frequency'.  The  sound  power  at  the  fundamental 
and  second  harmonic  BPF  tones  is  reduced  by  13  dB  and  8 
dB,  respectively. 

The  sound  power  level  reduction  is  some  6  or  7  dB  less 
than  the  reduction  in  sound-pressure  level  measured  at  the 
error  microphone  location  This  observation  can  be  ex¬ 
plained  from  the  directivity'  patterns  presented  in  Fig.  10. 
These  patterns  were  measured  over  the  baffled  fan  on  the 
inlet  side  at  the  BPF,  with  and  without  the  controller  on.  The 
effect  of  the  small  cy  linder  placed  in  front  of  the  fan  is  evi¬ 
dent  in  the  “control  off’  pattern  when  compared  to  the  un¬ 
obstructed  case  of  Fig  4.  The  obstruction  causes  an ‘approxi¬ 
mate  10-dB  increase  in  sound-pressure  level  over  most 
observation  positions  Figure  10  reveals  a  null  in  the  dircc- 
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FIG.  8.  Spectra  of  the  fan  sound-pressure  level  sensed  at  the  error  sensor  position  when  the  controller  is  on  and  off.  A  small  cylindrical  flow  nh^nmion  wu 
placed  near  the  fan  inlet  during  these  experiments,  and  the  sensor  is  approximately  19  cm  away  from  the  edge  of  the  fan  frame,  normal  to  the 


tivity  pattern  along  the  fan  axis  when  the  control  is  in  opera¬ 
tion.  This  null  clearly  shows  that  the  axial  radiation  is  almost 
completely  canceled  by  the  applied  axial  force.  Sound  radia¬ 
tion  reduction  at  0°  and  180°  is  of  the  order  10  dB.  Obvi¬ 
ously,  these  directions  are  less  influenced  by  the  secondary 
source  because  of  its  axial  dipole  characteristics.  The  error 
sensor  was  placed  near  the  axis  of  the  fan.  so  it  was  in  the 


null  region  of  the  “control  on”  directivity  pattern.  The 
sound-pressure  reductions  are  very  large  in  this  region  rela¬ 
tive  to  all  other  angular  positions.  This  is  the  apparent  cause 
of  the  sound  power  reductions  being  less  than  the  sound- 
pressure  reductions. 

Additional  noise  reduction  measurements  were  per¬ 
formed  with  the  error  microphone  located  on  the  opposite 


FIG.  9.  Reduction  m  baffled  axial-flow  fan  sound  power  level  ui  dB  as  a  function  of  frequency  achieved  using  the  active  noise  control  procedures  described 

in  tni*  n»n»r  r 
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FIG.  10.  Sound-pressure  level  directivity  patterns  measured  for  the  baffled 
fan  with  the  small  flow  obstruction  in  place,  with  and  without  the  ANC  in 
operation. 

side  of  the  baffle  (outlet  side)  along  with  a  remote  micro¬ 
phone  located  anywhere  from  0.4  to  1.0  m  away  from  the 
fan.13  Again,  the  sound-pressure  level  at  first  two  harmonics 
of  the  BPF  was  found  to  be  reduced  by  6  or  more  dB  at  the 
remote  (and  error)  microphone  positions.  Sound  power  was 
not  measured  on  this  side  of  the  baffle  because  of  the  prox¬ 
imity  of  the  apparatus  to  the  hard  reflecting  floor  of  the  hemi- 
anechoic  chamber. 

As  one  last  experiment  to  explore  the  potential  applica¬ 
bility'  of  the  subject  methodology,  an  empty'  desktop  com¬ 
puter  cabinet  was  placed  on  the  planar  baffle  over  the  fan.  In 
this  arrangement,  the  fan  pulled  air  into  the  cabinet  The  air 
exited  through  the  opposite  side  of  the  baffle  The  error  mi¬ 
crophone  was  placed  inside  the  cabinet  approximately  10  cm 
away  from  the  fan.  and  slightly  off-axis.  A  remote  micro¬ 
phone  was  positioned  outside  the  cabinet  1  m  away  from  the 
fan  and  0.5  m  above  the  baffle.  Figure  11  shows  the  results 
for  this  experiment.  The  sound  pressure  level  at  the  BPF  is 
seen  to  be  reduced  by  21  dB  at  the  external  (remote)  posi¬ 
tion.  and  by  26  dB  at  the  internal  (error  microphone)  posi¬ 
tion.  Tone  level  reductions  for  the  second  harmonic  are  10 
and  17  dB.  respectively.  Sound  power  was  not  measured  for 
the  cabinet  configuration,  but  is  the  subject  of  future  applied 
research.  The  results  of  Fig.  1 1  suggest  that  the  active  noise 
control  method  employed  in  this  study'  has  the  potential  for 
success  in  a  typical  cooling  fan  application. 

Ill  CONCLUSIONS 

Although  previously  pubjished  research  has  shown  that 
the  tonal  emissions  from  fans  can  be  reduced  through  various 
active  noise  control  strategies,  the  current  research  is  the  first 
to  show  that  the  fan  itself,  if  shaken  adaptively ,  can  act  as  the 
antinoise  source.  This  is  a  very'  significant  finding  because 
the  need  for  a  separate,  secondary  source  is  eliminated  Un- 
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FIG  1 1  Spectre  of  the  sound  pressure  measured  with  and  without  the  ANC 
in  operation  for  the  baffled  fan  operating  inside  a  desktop  computer  cabinet: 
(a)  the  .error  tensor  spectre  measured  inside  the  cabinet,  and  (b)  the  spectra 
measured  *  a  remote  location  outside  the  cabinet 

der  the  conditions  of  aeroacoustic  compactness,  the  shaken 
fan  (the  secondary  source)  is  collocated  with  the  primary  fan 
noise  source  This  tightly  coupled  configuration  produces  the 
excellent  global  noise  reduction  repotted,  and  also  leads  to 
the  possibility  of  analog  feedback  control  strategies.  This 
may  possibly  permit  random  noise  components  of  the  fan 
noise  radiation  spectrum,  in  addition  to  the  tonal  compo¬ 
nents.  to  be  reduced.  With  either  feedback  or  feedforward 
control,  and  under  the  premise  that  unsteady  forces  are  the 
mechanism  of  subsonic  fan  sound  production,  it  would  be  a 
straightforward  extension  of  the  subject  methodology  to  uti¬ 
lize  an  internal  unsteady  force  sensor0  as  the  error  sensor. 
Future  efforts  also  include  shaking  the  rotor  only  as  opposed 
to  shaking  the  entire  fan  assembly  as  was  done  here  Other 
possible  modifications  include  multiple  shakers  either  on  in¬ 
dividual  fan  blades  or  located  at  fan  frame  mounting  lugs  to 
aid  in  high-frequency  cancellation  when  the  directivity  char¬ 
acteristics  are  nonuniform,  and  when  the  aeroacoustic  com¬ 
pactness  assumption  is  no  longer  valid 
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A  method  ttat  couples  output  from  a  hot-wire  anemometer  with  that  of  a  microphone  to  reduce  flow-induced 

—  n  t|TT|h°°e  ^  7s, U  a  microphone  and  a  hot-wire  sensor 

weD-defined  low-tp«ed  to  bulen  t  flow  in  a  rectangular  duct.  Controlled  acoustic  noise,  both  random 

tt^i^h^  ^  °t  the  two  signals  could  reduce  the  turbulence  noise  contamination  in 

d*“°nstr*ted  «smg  an  mlaptlre  least^nean^uam  rigorithm  tofilto 


Nomenclature 

c  =  filtered  hot-wire  signal 

dk  =  hydraulic  diameter 

£{ }  =  expectation  operator 

err  =  error  signal 

/  =  frequency,  Hz 

Gxx  (/)  m  autospectral  density  estimate 

H  =  Fourier  transform  of  h 

h  =  filter  impulse  response 

M  =  Fourier  transform  of  m 

m  s=  microphone  signal 

N  —  number  of  filter  coefficients 

nd  =  number  of  ensemble  averages 

P  -pressure 

u  =  velocity 

W  =  Fourier  transform  of  w 

w  =  hot-wire  signal 

x  =  spatial  direction 

Y2  *  ordinary  coherence  function 

£r  =  random  error 

M  =  convergence  coefficient,  fluid  viscosity 

P  =  fluid  density 

Introduction 

MANY  active  noise  control  problems  involve  placing  a  sens¬ 
ing  microphone,  error  microphone,  or  both  in  a  flow.  One 
such  example  is  the  active  control  of  fan  noise  in  an  air  conditioning 
duct.  A  microphone  placed  in  a  flow  senses  aerodynamic  pressure 
fluctuations  (pseudonoise)  as  well  as  acoustic  pressure  fluctuations. 
Because  the  microphone  senses  these  fluctuations  simultaneously, 
the  active  control  system  will  try  to  cancel  the  flow-induced  noise  as 
well  as  the  actual  noise.  However,  the  directly  radiated  noise  due  to 
turbulent  pressure  fluctuations  is  much  smaller  than  the  pseudonoise 
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imposed  by  them  on  a  microphone,  and  the  phase  speeds  of  the 
nvo  different  types  of  pressure  fluctuations  are  also  considerably 
different.  As  a  result,  active  cancellation  of  the  flow  noise  is  not 
accomplished.  Instead,  the  level  of  the  pseudo-pressure  fluctuations 
imposes  a  limit  below  which  active  acoustic  attenuation  cannot  be 
achieved.  ~  Consequently,  removing  the  flow  noise  from  the  mi¬ 
cro  phone  signal,  with  minimal  loss  of  amplitude  or  phase  infor¬ 
mation  of  the  acoustic  noise,  is  important  for  active  noise  control 
applications. 

Methods  for  eliminating  flow  noise  from  a  microphone  signal  in¬ 
clude  placement  of  an  open-cell  foam  ball  or  a  streamlined  nose  cone 
over  the  microphone  diaphragm,  incorporation  of  a  bias  error  correc¬ 
tion  in  the  estimate  of  the  pressure  spectrum,4  or  spatial  averaging 
using  data  processing  techniques  such  as  the  cross  spectral  den¬ 
sity,  correlation  function,  coherence  function,  or  transfer  function 
between  two  or  more  microphones  spaced  beyond  the  turbulence 
correlation  length,5"*  The  drawbacks  of  the  preceding  methods  in¬ 
clude,  respectively,  too  much  flow  blockage,  loss  of  phase  informa¬ 
tion  of  the  pressure,  or  too  little  turbulence  suppression.  These  issues 
make  them  undesirable  or  useless  for  active  noise  control  applica¬ 
tions.  Methods  that  do  not  result  in  loss  of  the  pressure  data  include 
tiie  use  of  transducers  large  enough  to  average  out  the  turbulent 
fluctuations/  transducer  arrays,10  and  sampling  or  slit  tubes.11"15 
These  techniques  may  result,  however,  in  undesirable  pressure  at¬ 
tenuation,  additional  expense,  or  increased  length  (volume)  require¬ 
ments.  Using  a  slit  tube  in  conjunction  with  the  microphone,  a  means 
of  turbulence  noise  suppression  currently  used  in  some  active  noise 
COTtrol  applications  provides  little  or  no  flow  noise  attenuation  for 
frequencies  less  than  70  Hz  (Ref.  16)  and  requires  a  longer  sensing 
length  than  typically  desired.  6 


Objective 

The  objective  of  this  research  is  to  remove  flow  noise  from  the 
microphone  signal  with  minimal  loss  of  phase  or  amplitude  of  the 
acoustic  pressure  signal  of  interest  while  maintaining  minimm v  im- 
pact  on  sensor  space  requirements.  In  particular,  the  emphasis  for 
flow  noise  reduction  is  placed  on  the  frequency  range  /  <  100  Hz. 
In  this  investigation  flow  noise  attenuation  is  performed  by  com¬ 
bining  the  response  of  the  microphone  with  a  signal  from  a  hot¬ 
wire  sensor  placed  in  the  same  flow.  Although  the  purpose  of  this 
research  is  to  devise  a  low  flow-noise  microphone  that  functions 
well  under  the  restrictive  requirements  of  the  active  noise  con- 
ttol  application,  active  noise  control,  per  se,  is  not  discussed  in 
detaiL  In  addition,  no  attempt  is  made  to  optimize  the  adaptive 
algorithms.  K 
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Fig.  1  Rectangular  duct  test  fadlity. 


Experimental  Setup 

Experiments  were  performed  in  a  0.25  x  0.13  x  4  m  (0.8  x 
0.4  x  13  ft)  rectangular  duct,  illustrated  in  Fig.  lf  with  airflow  pro¬ 
vided  by  a  variable  speed  centrifugal  blower.  A  hot-wire  probe  and 
a  microphone  were  mounted  on  a  support  stand  on  the  centerline  at 
the  exit  of  the  duct  where  the  flow  conditions,  mean  velocity  equal 
to  7  m/s  (23  ft/s)  and  turbulence  intensity  of  10%t  approximated 
those  expected  in  a  typical  active  noise  control  application.  A  sig¬ 
nal  generator  provided  a  random  or  time-harmonic  output  that  was 
amplified  and  used  to  drive  a  speaker  mounted  in  the  top  section  of 
the  duct  near  the  exit  of  the  blower. 

A  single-sensor  hot-wire  probe  0.005  mm  (0.0002  in.)  in  diam¬ 
eter  with  a  sensing  length  of  1.5  mm  (0.06  in.)  was  used  to  mea¬ 
sure  velocity.  Acoustic  measurements  were  obtained  with  a  pinhole 
microphone17  consistingofa  12.7-mm  (1/2-in.)  free-field  condenser 
microphone  with  a  streamlined  0.8-mm  (1/32-in.)  inner  diameter 
pinhole/tube  nose  cone  instead  of  the  standard  protective  grid  The 
pinhole  nose  cone  provided  a  more  streamlined  surface  than  the 
standard  protective  grid  and  also  greatly  reduced  the  sensing  area 
to  better  approximate  a  “point”  measurement.  The  resonance  fre¬ 
quency  of  the  pinhole  cavity  was  approximately  1200  Hz,  above  the 
frequencies  of  interest  in  this  study. 

Data  were  acquired  using  a  fast  Fourier  transform  analyzer  and 
simultaneous  time  capture  to  a  computer  hard  drive  at  a  sampling 
rate  of 2048  samples/s.  Spectral  analysis  employed  anti  alias  filtering 
and  a  Hanning  window.  There  is  no  bias  error  from  spectra  to  spectra 
because  the  sampling  rate  and  analysis  bandwidth  (2  Hz)  remained 
the  same  for  all  samples.  The  random  error,  also  the  same  for  all 
cases,  can  be  computed  from11 

e,[C„(/)]  =  1/V"7  (1) 

where  the  number  of  ensemble  averages  nd  =  100.  Both  the  hot¬ 
wire  and  microphone  spectral  data  were  repeatable  to  within  1  dB 
for  each  condition  tested,  which  is  consistent  with  the  estimated 
random  error  of  1 0%. 


Results  and  Discussion 

Coherence 

The  pressure-velocity  relationship  for  low-speed  incompressible 
flow  can  be  derived  by  combining  the  divergence  of  the  momentum 
equation  with  the  continuity  equation  to  yield  Poisson’s  equation,19 


v2P  = 


82(u,Uj) 

p - — 

d  xt  dxj 
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Solution  of  Eq.  (2)  reveals  that  pressure  fluctuations  at  a  given  point 
result  from  an  integration  of  weighted  velocity  fluctuations  over  all 
space. 

A  hot-wire  sensor  provides  a  measure  of  velocity  fluctuations  but 
it  does  so  over  only  a  small  and  finite  length.  In  addition,  a  hot-wire 
signal  is  proportional  to  the  square  root  of  velocity.20  For  the  low- 
speed,  incompressible  flow  of  interest  here,  we  know  from  Euler’s 
equation  that  velocity  is  proportional  to  the  square  root  of  pressure. 
The  output  from  a  hot-wire  anemometer  is  therefore  a  nonlinear 
representation  of  the  fourth  root  of  the  local  aerodynamic  pressure 
fluctuations.  A  microphone,  on  the  other  hand,  provides  a  direct  and 
linear  measure  of  pressure. 

To  determine  the  feasibility  of  using  a  hot  wire  to  provide  an  aero¬ 
dynamic  pressure  signal  that  can  be  combined  with  a  microphone 
signal,  coherence  measurements  between  the  hot-wire  signal  and  a 


signal  from  a  nearby  microphone  placed  in  the  same  flowfield  have 
been  carefully  examined.  The  ordinary  coherence  function  between 
the  hot-wire  signal  u>(0  and  the  microphone  signal  m(r)  is  defined 

as11 


yL<J)  = 


lc-(/)l* 


o  <  vlM)  <  1  (3) 


A  high  coherence,  y2„(/)  near  1,  between  the  two  signals  in  the 
presence  of  flow  implies  that  both  sensors  are  responding  to  similar 
fluid  dynamic  fluctuations.  In  such  a  case,  properly  combining  the 
hot-wire  signal  with  the  microphone  signal  may  lead  to  a  reduction 
in  the  flow  noise  response  of  the  microphone. 

A  sy  stematic  study  was  performed  to  determine  the  optimum  con¬ 
figuration  of  the  hot-wire  sensor  and  microphone  to  promote  high 
coherence  between  them.  We  know  from  Eq.  (2)  that  the  fluctuating 
pressure  at  a  point  is  the  result  of  the  integrated  velocity  fluctuations 
over  a  much  larger  volume.  To  reduce  the  measurement  area  of  the 
microphone  and  thereby  reduce  the  area  of  contributing  velocity 
fluctuations,  the  standard  protective  grid  of  the  microphone  was  re¬ 
placed  with  a  pinhole  nose  cone  as  shown  in  Fig.  2.  The  pinhole 
diameter  was  0.8  mm  (1/32  in.,  4  =  0.0054*),  and  the  tube  was 
2.54  cm  (1  in.,  /  =  0.154*)  long.  The  pinhole  microphone17  ex¬ 
hibits  a  slight  attenuation  (M  dB)  of  the  pressure  but  still  maintains 
a  flat  frequency  response  except  at  the  cavity  resonance  frequency. 
For  the  pinhole  size  used  here,  a  comparison  calibration  showed 
the  resonance  frequency  to  be  at  approximately  1200  Hz,  which  is 
above  the  frequencies  of  interest  in  this  study  and  does  not  adversely 
affect  the  pressure  measurements. 

Variations  in  the  placement  of  the  pinhole  microphone  and  the  hot- 
wire  sensor  relative  to  the  pinhole  opening  were  tested.  It  was  found 
that  the  highest  coherence  between  the  hot  wire  and  microphone 
occurred  when  the  pinhole  microphone  was  aligned  with  the  flow 
with  the  pinhole  pointing  in  the  upstream  direction  as  shown  in 
Fig.  2.  In  this  manner,  it  will  behave  like  a  total  head  probe.  The 
microphone  vent  removes  the  effect  of  the  mean  pressure,  and  the 
resulting  pressure  signal  is  representative  of  fluctuating  pressures 
traveling  in  the  freestream  direction.  It  therefore  responds  more  to 
streamwise  velocity  fluctuations  and  mean  shear  rather  than  normal 
velocity  shear  that  is  dominant  when  the  microphone  is  mounted 
flush  with  the  duct  wall,  normal  to  the  flow.  When  the  microphone  is 
oriented  in  the  streamwise  direction,  broadband  flow  noise  measured 
by  the  microphone  is  approximately  5  dB  higher  than  that  measured 
with  the  microphone  normal  to  the  flow  but  in  the  same  location. 
The  objective  of  the  research,  or  the  other  hand,  is  to  reduce  the 
flow  noise  inherent  in  the  microphone  signal.  This  increase  in  flow 
noise  is  an  issue  to  be  concerned  with  and  is  discussed  in  more  detail 
later. 

The  hot-wire  placement  was  determined  after  tests  that  included 
streamwise  and  span  wise  orientation  (both  of  which,  by  virtue  of 
the  fact  that  a  single  sensor  was  used  contain  transverse  veloci¬ 
ties)  as  well  as  variations  in  location  with  respect  to  the  pinhole 
opening.  Highest  coherence  levels  were  obtained  with  the  hot-wire 
sensor  placed  upstream  of  the  centerline  of  the  pinhole  and  ori¬ 
ented  to  measure  the  streamwise  velocity  component.  The  optimum 
configuration  is  shown  in  Fig.  2,  where  the  hot-wire  sensor  is  located 
0.5  mm  (0.02  in.)  upstream  of  the  center  of  the  pinhole  opening.  This 
configuration  is  used  for  all  measurements  repotted  herein. 


Fig.  2  Hot-wire  and  microphone  placement  in  duct 
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Fig.  3  Measured  coherence  function  between  hot-wire  sensor  and  mi¬ 
crophone  in  flow  only. 


Frequency  (Hz) 

Fig.  4  Hot-wire  antospectrai  densities. 

Measurements  were  made  to  ensure  that  placing  the  hot  wire 
just  upstream  of  the  pinhole  opening  of  the  microphone  did  not 
alter  the  microphone  response.  A  comparison  of  the  microphone 
response  with  and  without  the  hot  wire  in  front  of  the  opening  re¬ 
vealed  that,  for  the  frequency  range  of  interest,  the  interference  is 
negligible.  It  is  expected  that  the  hot  wire  does  affect  the  micro¬ 
phone  response  at  higher  frequencies  (the  hot-wire  vortex  shedding 
frequency  ~305  kHz  based  on  a  Strouhal  number  of  0.2  for  cylinder 
vortex  shedding). 

The  measured  coherence  function  between  the  hot-wire  and  mi¬ 
crophone  signals  when  placed  in  the  flow  in  the  duct  is  shown  in 
Fig.  3.  The  coherence  levels  are  high,  greater  than  0.9  over  the  en¬ 
tire  frequency  range  and  approaching  unity  at  frequencies  below 
100  Hz.  These  high  levels  indicate  that  combination  of  the  two  sig¬ 
nals  for  removal  of  flow  noise  from  the  pressure  signal  is  feasible. 

Detailed  studies  of  autospectral  density  of  each  sensor  and  the 
measured  coherence  function  between  them  were  performed  with 
the  sensors  in  the  presence  of  both  aerodynamic  and  acoustic  excita¬ 
tion.  Random  and  time-harmonic  acoustic  noise  was  introduced  into 
the  duct  by  the  speaker  located  near  the  entrance  of  the  duct  (Fig.  1). 
The  speaker  output  was  adjusted  so  that  the  overall  acoustic  sound 
pressure  level  at  the  microphone  in  the  duct  without  flow  matched 
the  overall  sound  pressure  level  perceived  by  the  microphone  placed 
in  the  same  location  in  the  duct  with  flow  only  (approximately  80  dB 
re:  20  piPa).  The  sinusoidal  acoustic  noise  was  generated  by  driving 
the  speaker  at  250  Hz.  This  frequency  was  chosen  by  virtue  of  the 
fact  that  it  is  below  the  plane  wave  cutoff  frequency  of  the  duct  and 
therefore  should  be  a  plane  wave  disturbance.  (The  cut-on  frequency 
of  the  first  duct  cross  mode  is  approximately  650  Hz.)  Furthermore, 
250  Hz  is  not  a  harmonic  of  60  Hz  line  noise. 

The  autospectral  densities  of  the  hot-wire  and  microphone  re¬ 
sponses  are  plotted  in  Figs.  4  and  5,  respectively.  In  these  and  all 
subsequent  plots,  the  dB  scale  is  referenced  to  1  V.  The  five  curves 
in  each  plot  represent  each  of  the  five  test  cases  considered:  flow 


Fig.  5  Microphone  autospectral  densities. 

only,  flow  +  random  acoustic  noise  (white  noise),  flow  +250  Hz 
time-harmonic  acoustic  noise,  random  noise  only,  and  250  Hz  sine 
wave  noise  only.  Reflections  from  the  duct  walls  and  higher-order 
duct  modes  are  present  but  do  not  affect  the  intent  or  results  of  this 
study  and,  therefore,  will  not  be  discussed.  Note  that,  although  both 
the  microphone  and  the  hot-wire  sensor  were  calibrated  prior  to  the 
experiments,  no  calibrations  were  applied  to  the  output  from  either 
sensor  during  these  tests.  This  is  because  we  are  only  interested  in 
relative  changes  in  the  microphone  signal  due  to  the  signal  condi¬ 
tioning  using  the  hot  wire  and  least-mean-square  (LMS)  algorithm. 
Coherence  functions  never  require  calibrated  signals  because  the 
calibration  constant  cancels  in  its  definition  [Eq.  (3)].  Additionally, 
the  raw  voltages  arc  important  in  the  signal  conditioning  since  it  is 
these  signals  that  are  to  be  combined.  The  coherence  measurements 
will  therefore  indicate  whether  the  uncalibrated,  nonlinear  hot-wire 
signal,  proportional  to  the  fourth  root  of  pressure,  may  be  combined 
with  a  microphone  signal,  linearly  proportional  to  the  pressure,  to 
remove  the  flow-induced  noise. 

In  Fig.  4,  it  is  clear  from  the  collapse  of  the  data  for  the  first  three 
cases  that  the  hot-wire  response  is  aerodynamically  dominated  in 
the  presence  of  flow  regardless  of  the  speaker-generated  noise.  This 
effect  is  expected  since  the  level  of  the  acoustic  noise,  adjusted  to 
give  the  same  overall  sound  pressure  level  at  the  microphone  as  the 
flow-induced  noise,  produces  fluctuating  velocities  that  are  much 
smaller  (on  the  order  of  50  times  smaller)  than  those  generated  by 
the  flow.  It  can  also  be  seen  by  the  spectrum  levels  that  most  of  the 
flow  energy  is  contained  at  the  lower  frequencies.  In  the  absence  of 
flow,  the  hot-wire  response  tends  to  be  buried  in  the  anemometry 
system  noise. 

The  microphone  responses  plotted  in  Fig.  5  show  that  the  mi¬ 
crophone  signal  is  highly  contaminated  by  flow  noise  especially  at 
frequencies  below  100  Hz.  The  shape  of  the  spectra  for  the  cases  in 
the  presence  of  flow  are  almost  identical  to  each  other  and  to  those 
of  the  hot-wire  spectra  for  the  same  conditions  (the  plot  scales  are 
different).  The  addition  of  flow  to  the  random  noise  does  not  sig¬ 
nificantly  alter  the  spectrum  from  the  random-noise-only  spectrum 
above  100  Hz  but  causes  a  large  increase  in  level  below  100  Hz 
where  most  of  the  flow  contamination  is  concentrated.  A  broadband 
increase  of  nearly  50  dB  results  from  adding  flow  to  the  250  Hz  noise. 

The  data  presented  in  Figs.  4  and  5  clearly  illustrate  the  need  for 
flow  noise  suppression  for  the  microphone  response,  especially  for 
frequencies  below  100  Hz.  The  data  also  show  that  the  hot  wire  does 
respond  to  acoustic  excitation,  but  in  the  presence  of  flow  the  acous¬ 
tic  response  is  masked  by  the  response  to  the  aerodynamic  effects. 

To  determine  whether  the  signals  from  the  two  sensors  may  be 
combined  to  reduce  flow  noise,  coherence  function  measurements 
between  the  hot-wire  and  microphone  signals  were  studied  for  the 
same  flow  and  acoustic  conditions.  The  measured  coherence  func¬ 
tion  for  die  sensors  placed  in  the  duct  with  flow  only  was  given  in 
Fig.  3.  Similar  plots  of  the  measured  coherence  functions  for  the 
other  four  cases  arc  given  in  Figs.  6-9. 

The  coherence  functions  are  almost  identical  for  the  cases  with 
flow  only  (Fig.  3)  and  flow  +250  Hz  acoustic  noise  (Fig.  6)  with 
the  exception  of  a  decrease  at  250  Hz.  The  similarity  was  expected 
since  the  hot-wire  and  microphone  spectra  for  these  conditions,  too, 
were  nearly  identical.  The  drop  in  coherence  at  250  Hz  is  due  to 
the  fact  that  the  microphone  response  to  the  tone  is  strong  but  the 
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Frequency  (Hz) 

Fig.  7  Measured  coherence  function  for  flow  -f  random  noise  case 


Frequency  (Hz) 

Fig.  8  Measured  coherence  function  for  random  noise  only  com. 

hot-wire  response  is  still  dominated  by  the  aerodynamic  velocities 
rather  than  the  acoustic  velocity  fluctuations  associated  with  the 
tone.  The  coherence  measured  with  both  flow  and  random  noise 
(Fig.  7)  is  high  for  frequencies  less  than  100  Hz  because  most  flow 
noise  contamination  occurs  in  this  range,  but  drops  off  at  higher 
frequencies.  When  only  acoustic  excitation  is  present  (Figs.  8  and 
9)  the  coherence  levels  are  much  lower  than  in  the  presence  of  flow 
with  the  exception  of  the  250  Hz  tone. 


Fig.  10  Schematic  representation  of  the  hot  mic 


Note  that  the  coherence  levels  are  generally  high  in  the  presence  of 
flow,  especially  where  desired  at  frequencies  below  1 00  Hz,  and  that 
the  levels  are  significantly  lower  in  the  absence  of  flow.  This  effect 
is  desirable  because  we  want  to  combine  the  signals  to  remove  the 
effects  of  flow  (pseudonoise)  from  the  microphone  signal  but  leave 
the  acoustic  pressure  signal  (in  this  case,  the  random  or  250  Hz  noise) 
unaltered.  Since  the  fluid  dynamic  response  of  the  two  sensors  is 
coherent  but  the  acoustic  response  is  not.  a  proper  combination  of 
the  two  signals  should  result  in  attenuation  or  elimination  of  the 
(coherent)  fluid  dynamic  contribution  from  the  signals. 

Flow  Noise  Reduction 

Flow  noise  reduction  was  achieved  by  adaptively  filtering  the  hot¬ 
wire  signal  and  then  subtracting  it  from  the  microphone  signal.  This 
combi  nan  on  was  performed  with  the  10  second  time-capture  data 
using  an  LMS  algorithm,  and  for  the  sake  of  brevity,  the  filtered  hot¬ 
wire/microphone  signal  combination,  which  performs  as  a  single 
sensor,  will  be  referred  to  as  a  "hot  mic  "  The  schematic  for  the  hot- 
mi  c  is  given  in  Fig.  10.  No  attempt  has  been  made  to  optimize  the 
adaptive  algorithm  or  the  convergence  speed,  and  as  in  the  coherence 
measurements,  no  calibration  is  applied  to  either  the  hot-wire  or 
microphone  signal. 

In  this  algorithm,  the  digitized  hot-wire  signal  w(n)  is  passed 
through  the  adaptive  filter  h{(n)  and  then  subtracted  from  the  mi¬ 
crophone  signal  m(n)  to  produce  an  error  signal  err(n).  The  output 
of  the  filler  c(n)  should  be  that  part  of  the  hot-wire  signal  that  is 
coherent  with  the  microphone  signal.  Le.,  the  noise  caused  by  tur¬ 
bulence  pressure  fluctuations.  The  subtraction  of  c(n)  from  m(n) 
will  then  produce  an  output  proportional  to  the  acoustic  pressure 
fluctuations  with  the  pseudonoise  component  removed. 

The  /-filter  coefficients  were  updated  using  an  LMS  algorithm, 

hi(n  +  1)  =  hi(n )  +  2jzu;(rt)err(n)  (4) 

In  all  cases,  the  convergence  coefficient  was  set  at  ±  of  its  maxi¬ 
mum  value,  Mnux ,  which  was  determined  from  the  following  stability 
criterion: 


Mux 


1 

N  *  £(ur(n)J 


(5) 
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The  filter  coefficients  were  initially  set  according  to 

H  (/)  =  M  (/)/  W  (/)  (6) 

where  Af(/)  and  W(/)  are  the  Fourier  transforms  of  the  micro¬ 
phone  and  hot-wire  responses,  respectively.  The  impulse  response 
was  then  obtained  by  taking  the  inverse  Fourier  transform  of  H(f) 
and  truncating  it  to  the  desired  number  of  filter  coefficients.  The 
number  of  points  used  for  the  Fourier  transforms  was  varied,  and, 
as  expected,  the  greater  the  number  of  points,  the  better  the  filter 
approximated  the  optimal  transfer  function  between  the  hot-wire 
sensor  and  microphone.  For  the  sake  of  brevity,  however,  variations 
in  the  n-point  Fourier  transforms  will  not  be  discussed  further.  Only 
those  performed  with  1024  points  are  included  in  this  paper. 

In  the  hot-mic  algorithm,  the  first  1024  points  of  the  hot-wire 
and  microphone  data  records  were  used  to  calculate  the  initial  filter 
coefficients  as  discussed  earlier.  The  remaining  data  points  were 
then  treated  as  real-time  data  to  which  the  algorithm  adapted.  After 
die  10-s  sample  was  processed,  the  hot-mic  output  (the  error  signal), 
which  ideally  contains  acoustic  pressure  information  with  the  flow- 
induced  pseudonoise  removed,  was  compared  with  the  microphone 
spectra  with  and  without  flow  contamination.  Figure  1 1  is  a  plot 
of  this  comparison  for  the  case  of  random  noise.  In  this  plot,  the 
scud  line  represents  the  spectrum  of  the  hot-mic  signal,  the  dashed 
line  represents  the  microphone  signal  in  the  presence  of  random 
noise  without  flow  contamination,  and  the  dotted  line  shows  the 
microphone  response  to  the  random  noise  in  the  presence  of  flow. 


Fig.  11  Antospectrel  densities  of  microphone  and  error  signals,  ran¬ 
dom  noise,  four  coefficients,  n  =  0.1. 


The  desired  result  is  for  the  spectrum  of  the  hot-mic  signal  to 
approach  that  of  the  microphone  signal  in  the  absence  of  flow.  It  can 
be  seen  from  Fig.  1 1  that  the  hot-mic  signal  does  indeed  approach 
that  of  the  uncontaminated  microphone  signal,  resulting  in  a  flow 
noise  attenuation  of  greater  than  15  dB  at  below  100  Hz  and  better 
spectral  approximation  to  the  un contaminated  microphone  signal 
out  to  400  Hz. 

By  increasing  the  number  of  filter  coefficients,  the  approxima¬ 
tion  of  the  error  signal  to  the  un  contaminated  microphone  increases. 
Figure  12  shows  the  same  spectral  comparison  with  16  filter  coeffi¬ 
cients.  Flow  noise  attenuation  is  increased  an  additional  5-10  dB  at 
frequencies  below  100  Hz  without  losing  the  pressure  information 
at  the  higher  frequencies.  A  point  will  be  reached,  in  this  case  with 
approximately  100  filter  coefficients,  where  the  slow  convergence 
of  the  LMS  algorithm  cannot  keep  up  with  the  coefficient  update,  es¬ 
pecially  since  the  coherence  between  the  hot-wire  and  microphone 
signals  decreases  as  frequency  increases.  The  important  result,  how¬ 
ever,  is  that  flow  noise  attenuation  in  the  pressure  signal  of  20  dB 
or  more  and  a  better  spectral  approximation  to  the  uncontaminated 
pressure  signal  is  possible  with  very  few  filter  coefficients  and  a 
simple  LMS  adaptive  algorithm.  Moreover,  the  flow  noise  reduc¬ 
tion  is  sufficient  to  overcome  the  increase  caused  by  stream  wise 
orientation  of  the  microphone. 

The  same  type  of  comparison  was  also  made  with  the  250  Hz  noise 
superimposed  on  the  flow.  Figures  13  and  14  illustrate  how  low- 
frequency  as  well  as  higher-frequency  turbulence  suppression  was 
attained  with  just  4  and  1 6  filter  coefficients,  respectively.  Moreover, 
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the  flow  noise  suppression  was  performed  without  reducing  the  level 
of  the  acoustic  pressure  fluctuations  at  250  Hz. 

Conclusions 

A  hot-wire  and  a  microphone  signal  may  be  combined  to  suppress 
turbulence-induced  pseudonoise  from  the  microphone  signal  with¬ 
out  losing  the  acoustic  pressure  signal.  Measured  coherence  levels 
between  a  raw  hot-wire  signal  and  the  signal  from  a  pinhole  mi¬ 
crophone  located  0.5  mm  downstream  of  the  hot-wire  sensor  were 
high  over  a  wide  frequency  range  in  the  presence  of  flow  but  low 
in  the  absence  of  flow,  indicating  that  the  two  signals  could  be 
combined  to  remove  the  coherent  (flow-induced)  part  Adaptively 
filtering  the  hot-wire  signal  using  an  LMS  algorithm  before  sub¬ 
tracting  it  from  the  flow-contaminated  microphone  signal  results  in 
the  hot-mic  output  that  more  closely  resembles  that  of  the  uncon¬ 
taminated  microphone  signal.  Flow  noise  suppression  on  the  order 
of  20  dB  is  attained  at  frequencies  below  100  Hz.  In  addition,  atten¬ 
uations  of  more  than  10  dB  may  be  observed  at  higher  frequencies. 
Furthermore,  the  resulting  hot-mic  signal  retains  the  acoustic  pres¬ 
sure  information  of  interest,  making  the  bot-mic  an  ideal  sensor  for 
use  in  active  noise  control  applications  where  the  sensing  or  error 
microphone  must  be  placed  in  a  fiowfield. 

Acknowledgments 

The  authors  would  like  to  acknowledge  Bill  Patrick  and  the  United 
Technologies  Research  Center  for  the  sponsorship  of  this  work. 

References 

1  LaFontaine,  R.  F.,  and  Shepherd.  I.  C,  “An  Experimental  Study  of  a 
Broadband  Active  Attenuator  for  Cancellation  of  Random  Noise  in  Ducts,” 
Journal  of  Sound  and  Vibration,  Vol.  91,  No.  3.  1983,  pp.  351-362. 

2Nakamura.  A,  Sugiyaraa.  A,  Tanaka  T.,  and  Marsumoto,  R.,  “Exper¬ 
imental  Investigation  for  Detection  of  Sound-Pressure  Level  by  a  Micro¬ 
phone  in  an  Airstream,”  Journal  of  die  Acoustical  Society  of  America,  VbL 
50,  No.  1,  1971,  pp.  40-46. 

3Shepberri.  L  C.,  LaFontaine,  R  F.,  and  Cabelli,  A.,  “Active  Attenua¬ 
tion  in  Turbulent  Flow  Ducts,"  Proceedings  of  Inter-Noise  94  Conference 
(Honolulu,  HI).  Noise  Control  Foundation.  New  York,  1984,  pp.  497-502. 

4Lauchle,  G.  C.,  “Effect  of  Turbulent  Boundary  Layer  Flow  on  Mea¬ 
surement  of  Acoustic  Pressure  and  Intensity,”  Noise  Control  Engineering 
Journal ,  Vol.  23,  No.  2, 1984,  pp.  52-59. 

3Munro,  K.  R,  and  lngard,  U.  1C,  “On  Acoustic  Intensity  Measurements 
in  the  Presence  of  Mean  Flow,”  Journal  of  the  Acoustical  Society  of  America, 


Vol  65.  No  6.  1979,  pp  1402-1409. 

6 Chung.  J.  Y.,  “Rejection  of  Row  Noise  Using  a  Coherence  Function 
Method."  Journal  of  the  Acoustical  Society  of  America,  Vol.  62.  No.  2, 1977 
pp  388-395. 

7  Alfredson.  R.  J„  and  Loh.  M..  The  Multiple  Coherence  Method  for  Re¬ 
ducing  Row  Noise  on  Microphones.”  Proceedings  of  Inter-Noise  91  Con¬ 
ference,  Australian  Acoustical  Society.  Sydney.  Australia,  1991,  pp  1117- 
1120. 

•Chung.  J.  Y.,  and  B laser,  D.  A.,  Transfer  Function  Method  of  Measuring 
Acoustic  Intensity  in  a  Duct  System  with  Row,”  Journal  of  the  Acoustical 
Society  of  America,  VoL  68.  No.  6. 1980.  pp.  1570-1577. 

*  Coreas,  G.  M..  “Resolution  of  Pressure  in  Turbulence”  Journal  of  the 
Acoustical  Society  af  America,  Vol.  35.  No.  2  1963,  pp.  192-199. 

“Shepherd,  L  C,  LaFontaine.  R.  F.,  and  Cabelli,  A.  Tte  Influence  of 
Turbulent  Pressure  Ructuations  on  an  Active  Attenuator  in  a  Row  Duct** 
Journal  of  Sound  and  Vibration,  VoL  130,  No.  1, 1989,  pp.  125-135. 

“Nakamura.  A.  Matsumoto,  R.,  Sugiyama.  A,  and  Tanaka,  T„  “Some 
Investigations  on  Output  Level  of  Microphones  in  Air  Streams,”  Journal  of 
the  Acoustical  Society  of  America,  VdL  46,  No.  6, 1969,  pp.  1391-1396. 

12 Crocker,  M.  J„  Cohen.  R~.  and  Wang. ).  S.,  “Recent  Development  in  the 
Design  ofTurbulent  Microphone  Windscreens  for  In-Duct  Fan  Sound  Power 
Measurements,”  Proceedings  of  Inter-Noise  73  Conference  (Copenhagen, 
Denmark),  Inst,  of  Noise  Control  Engineering.  New  York.  1973,  pp.  594- 
598. 

13  Wang.  J.  S.,  and  Crocker,  M.  J.,  Tubular  Windscreen  Design  for  Mi¬ 
crophones  for  In-Duct  Fan  Sound  Power  Measurements,"  Journal  of  the 
Acoustical  Society  of  America,  Vol.  55.  No.  3, 1974,  pp.  568-575. 

“Neise,  W.,  Theoretical  and  Experimental  Investigation  of  Microphone 
Probes  for  In-Duct  Fan  Sound  Power  Measurements .”  Journal  of  Sound  and 
Vibration,  VoL  39.  No.  3, 1974,  pp.  371^00 

“Shepherd,  I.  C,  and  LaFontaine.  R  F„  “Microphone  Screens  for  Acous¬ 
tic  Measurements  in  Turbulent  Rows.”  Journal  of  Sound  and  Vibration,  Vol 
111.  No.  1. 1986,  pp.  153-165. 

“Anon..  Condenser  Microphones  and  Microphone  Preamplifiers  for 
Acoustic  Measurements:  Data  Handbook,  BrQel  and  KjMT,  Copenhagen. 
Denmark.  1982. 

“Blake.  W.  1C,  Turbulent  Boundary-Layer  Wall-Pressure  Ructuations 
on  Smooth  and  Rough  Walls  ”  Journal  of  Fluid  Mechanics,  W>1.  44,  Pl  4, 
1970,  pp.  637-660 

“Benriar.  J.  S.,  and  Piersol,  A.  G.,  Random  Data :  Analysis  and  Measure¬ 
ment  Procedures,  2nd  ed.,  Wiley,  New  York.  1986.  pp.  137  and  285. 

“Willmarth.  W.  W.,  “Pressure  Ruanations  Beneath  Turbulent  Boundary 
Lavers."  Annual  Review  of  Fluid  Mechanics,  Vol.  7,  1975.  pp.  13-38. 

Kovasznay,  L.  S  .  C..  “Hot  Wire  Method.”  Physical  Measurements  in  Gas 
Dynamics  and  Combustion,  Vol.  9,  Art.  F2  Princeton  Univ.  Press.  Princeton. 
NJ,  1954,  pp.  219-276. 


APPENDIX  54 


AIAA-97-466&-Cf* 


LOW  FLOW-NOISE  PRESSURE  MEASUREMENTS  USING  A  ttHOT-MIC" 


R.  S.  McGuinn 

Associate  Research  Engineer,  United  Technologies  Research  Center 
41 1  Silver  Lane,  East  Hartford,  CT  06108 
and 

G.  C.  Lauchle  and  D.  C.  Swanson 
Graduate  Program  in  Acoustics  and  Applied  Research  Laboratory 
The  Pennsylvania  State  University,  University  Park,  PA  16802 


Abstract 

Real-time  attenuation  of  flow-induced  pseudo 
noise  from  the  pressure  signal  of  a  microphone  placed 
in  a  flowfield  was  performed  by  coupling  an 
uncalibrated  hot-wire  signal  with  that  of  the 
microphone  (the  combination  is  called  a  “hot-mic*’).  A 
pinhole  microphone  and  a  hot-wire  sensor  located  just 
upstream  of  the  pinhole  opening  were  placed  in  a  well- 
defined,  low-speed  turbulent  flow  in  a  rectangular  duct. 
Controlled  acoustic  noise,  both  random  and  time- 
harmonic,  was  superimposed  on  the  flow  noise  by  a 
speaker  source  located  near  the  entrance  of  the  duct. 
Experiments  indicated  that  significant  flow-noise 
attenuation  is  achievable  in  real  time  by  adaptively 
filtering  the  hot-wire  signal  using  a  least-mean-square 
algorithm  before  subtracting  it  from  the  microphone 
signal.  The  resulting  hot-mic  signal  retains  the  acoustic 
pressure  information  of  interest.  Moreover,  it  was 
shown  that  the  measured  coherence  between  two  hot- 
mics  in  the  presence  of  flow  is  higher  than  the 
measured  coherence  between  two  identically  placed 
microphones.  These  results  indicate  that  the  hot-mics 
would  make  better  acoustic  pressure  sensors  for  use  in 
active  noise  control  applications  where  the  sensing 
and/or  error  microphone  must  be  placed  in  a  low-speed, 
turbulent  flowfield. 


Nomenclature 

c  -  filtered  hot-wire  signal 

dh  =  hydraulic  diameter 

E  =  Fourier  transform  of  e 

E{  }  =  expectation  operator 
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e  =  error  signal 

err  =  error  signal 

/  =  frequency 

Gxx  -  autospectral  density  of  x 

Gxy  =  cross  spectral  density  function  between 
x  andy 

Y’xy  =  ordinary  coherence  function  between  x  and  y 
H  =  Fourier  transform  of  h 

h  =  filter  impulse  response 

M  =  Fourier  transform  of  m 

m  =  microphone  signal 

n  =  discrete  time  variable,  noise  signal 
N  -  number  of  filter  coefficients 
S  =  Fourier  transform  of  s 

s  =  sensing  microphone  signal 

W  =  Fourier  transform  of  w 

w  =  hot-wire  signal 

M  =  convergence  coefficient 

Introduction 

There  are  many  instances  when  it  is  desirable 
to  measure  acoustic  pressure  in  the  presence  of  flow. 
These  include  in-situ  and  laboratory  measurements  as 
well  as  many  active  noise  control  (ANC)  problems. 
One  such  ANC  application  of  current  interest  is  the 
control  of  fan  noise  in  a  ventilation  system. 

A  microphone  placed  in  flow  cannot 
distinguish  aerodynamic  pressure  fluctuations  from 
acoustic  pressure  fluctuations  even  when  the  two  are 
independent  and  uncorrelated  with  each  other.  If  the 
flowfield  is  turbulent,  the  microphone  signal  is 
contaminated  by  the  turbulence-induced  pseudo  noise. 
When  turbulence  is  sufficiently  high,  the  acoustic 
pressure  of  interest  can  be  completely  masked  by  the 
flow  noise. 

In  many  ANC  applications,  a  sensing  and/or 
error  microphone  may  be  located  in  a  flowfield  to 
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provide  acoustic  input  to  the  control  system  Based 
upon  the  noise  sensed  by  the  microphones,  the 
controller  will  send  a  signal  to  a  speaker  where  a 
canceling  noise  is  introduced.  If  the  microphone  is 
contaminated  by  flow-induced  pseudo  noise,  the 
control  system  will  try  to  cancel  the  pseudo  noise  as 
well  as  the  acoustic  noise.  Since  the  acoustic  and 
pseudo  pressure  fluctuations  are  not  correlated  with 
each  other  and  since  the  pseudo  noise  imposed  on  the 
microphone  is  much  greater  than  what  it  actually 
radiates  to  the  far-field,  the  flow  noise  is  not  canceled. 
Instead,  the  level  of  turbulence-induced  pseudo  noise 
imposes  a  limit  below  which  the  acoustic  noise  may  not 
be  actively  attenuated. l,l  i  Consequently,  it  is  important 
that  the  pseudo-noise  component  be  removed  from  the 
microphone  signal.  Moreover,  it  is  desirable  that  this 
noise  be  reduced  without  removing  any  of  the  acoustic 
pressure  information. 

One  method  of  flow-noise  reduction  involves 
the  placement  of  foam,  streamlined  nosecones.  or 
turbulence  screens  (such  as  a  porous  or  slit  tube1')  over 
the  diaphragm  of  the  microphone.  This  type  of 
treatment  is  often  bulky  or  long  and  provides  little  or 
no  flow-noise  attenuation  at  frequencies  below  100 
Hz’  Spatially  averaging  out  the  turbulence  pressure 
fluctuations  by  using  an  array  of  microphones  can  be 
expensive  and  requires  use  of  a  sufficient  volume  over 
which  to  average.10  Data  processing  techniques  such  as 
taking  the  cross  spectrum  between  two  microphones  to 
remove  the  pseudo  noise  result  in  a  loss  of  the  phase 
information  of  the  acoustic  pressure  signal,  makine  the 
technique  useless  for  active  noise  control."11 

A  previous  investigation15  showed  that  flow- 
noise  attenuation  was  possible  by  combining  an 
uncalibrated  hot-wire  signal  with  a  microphone  signal 
using  a  least-mean-square  algorithm.  The  significance 
of  the  uncalibrated  hot  wire  lies  in  the  fact  that  the  hot¬ 
wire  does  not  have  to  be  calibrated  or  linearized  (the 
hot-wire  signal  is  nonlinearly  proportional  to  velocity 
fluctuations14).  Despite  the  fact  that  the  hot-wire  signal 
provides  a  nonlinear  measure  of  the  turbulence-induced 
pressure  fluctuations,  it  can  be  combined  w  ith  the  linear 
response  of  a  microphone  to  pressure  fluctuations  for 
reduction  of  the  pseudo  noise. 

The  results  discussed  in  the  previous  work 
were  obtained  by  post  processing  time-series  data. 
Although  the  data  showed  that  the  hot-mic  can  be  used 
to  remove  low  frequency  flow  noise  from  the 
microphone  signal,  the  time-capturepost-analvsis 
method  is  impractical  if  the  technique  is  to  be  applied 
to  active  noise  control.  To  be  useful,  the  hot-mic 


algorithm  must  be  performed  “in  real  time”  so  that  the 
control  system  can  process  the  signal  and  introduce  a 
canceling  noise  signal  to  the  speaker. 


Objective 

The  objective  of  this  research  was  to  verify 
that  pseudo  noise  inherent  in  a  microphone  placed  in 
flow  could  be  reduced  in  real-time  by  using  a  hot-mic. 
In  addition,  it  was  desired  to  determine  whether  the  hot- 
mic  would  provide  a  better  acoustic  pressure  signal 
than  a  streamlined  microphone  for  active  noise  control 
applications  where  the  microphone  must  be  placed  in 
flow.  To  do  so,  it  is  necessary  to  show  that  the  hot-mic 
provides  a  less  contaminated  signal  than  a  microphone 
with  a  nosecone  designed  for  use  in  a  turbulent 
flowfield.  especially  at  frequencies  below  100  Hz. 


Experimental  Setup 

Experiments  were  performed  in  a  0.25  x  0.13 
x  4  m  (0.8  x  0.4  x  13  ft.)  rectangular  duct  illustrated  in 
Figure  1.  A  variable  speed  centrifugal  blower  provides 
the  air  flow.  The  flow  in  the  duct  was  characterized 
using  hot-wire  anemometry  at  six  cross-sections 
corresponding  to  x/L  =  0.1 1,  0.26.  0.42.  0.57,  0.72,  and 
0.88,  where  x  is  measured  from  the  exit  of  the  blower 
and  L  =  4  m  (13  ft.)  is  the  duct  length.  The  six  cross- 
sections  are  denoted,  sequentially,  as  Locations  1 
through  6,  with  Location  1  nearest  the  blower  at  x/L  = 
0.11.  The  flow  measurements  at  these  locations 
included  mean  velocities,  turbulence  intensities,  and 
turbulence  scales  in  both  the  stream  wise  and  transverse 
directions 


y-  Fiberglass  Insulation 
rasplll“  13  ft  Duct 

.  1  2  3  *  5  e 

'-Blower 

□ 

y  x  io" 

Adjustable  Inlet  Duct  Cross  Section 

Figure  1:  Rectangular  duct  test  facility. 
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Two  uncalibrated  single-sensor  hot  wires  with 
0.005  mm  (0.0002  in.)  diameters  and  sensing  lengths  of 
1.5  mm  (0.06  in.)  were  used  for  the  velocity 
measurements.  The  hot-wire  sensors  were  operated 
with  a  constant-temperature  anemometer  and  had 
frequency  responses  of  approximately  50  kHz.  Two 
1.3  cm  (1/2  in.)  free-field  condenser  microphones  with 
streamlined  pinhole  nosecones  were  used  to  reduce  the 
sensing  area.  The  pinhole17  diameters  were  0.8  mm 
(1/32  in.)  and  0.16  mm  (1/16  in.),  respectively.  The 
corresponding  resonance  frequencies  due  to  the  pinhole 
cavities  were  determined  by  comparison  calibration  to 
be  approximately  1200  Hz  and  1400  Hz,  respectively. 
The  pinhole  microphone  response  in  both  cases  was  flat 
(within  1  dB)  from  approximately  6  Hz  to  1000  Hz. 

For  each  hot-mic,  the  hot-wire  probe  and  the 
pinhole  microphone  were  placed  as  shown  in  Figure  2. 
The  pinhole  microphone  is  aligned  with  the  centerline 
of  the  duct  with  the  pinhole  pointing  in  the  upstream 
direction.  The  hot-wire  sensor  is  located  0.5  mm  (0.02 
in.)  upstream  of  the  pinhole  opening.  This  arrangement 
was  in  order  to  provide  the  greatest  coherence  between 
the  hot-wire  and  microphone  signals  in  the  presence  of 
flow.11  Measurements  verified  that  the  placement  of 
the  hot  wire  upstream  of  the  pinhole  opening  did  not 
affect  the  microphone  response  in  the  frequency  range 
considered  (the  hot-wire  vortex  shedding  frequency  is 
approximately  305  kHz  based  on  a  Strouhal  number  of 
0.2  for  cylinder  vortex  shedding). 


Figure  2:  Streamwise  placement  of  pinhole 
microphone  and  hot-wire  probe. 


The  hot-mic  algorithm  is  shown  schematically 
in  Figure  3.  The  digitized  hot-wire  signal.  \\<nh  is 


passed  through  an  adaptive  digital  filter  with  / 
coefficients,  h\(n),  and  then  subtracted  from  the 
microphone  signal,  m(n),  to  produce  an  error  signal, 
err(n).  The  output  of  the  filter,  c(n),  is  that  part  of  the 
hot-wire  signal  which  is  coherent  with  the  microphone 
signal,  i.e.  the  noise  caused  by  turbulence  pressure 
fluctuations.  The  subtraction  of  c(n)  from  m(n) 
produces  an  output  proportional  to  the  acoustic  pressure 
fluctuations  with  the  pseudo  noise  component  removed. 
In  other  words,  the  error  signal  is  decorrelated  from  the 
hot-wire  signal.  If  the  hot-wire  signal  contains  only 
flow  information,  the  error  signal  contains  only 
acoustic  pressure  information. 


The  filter  coefficients  were  updated  using  an 
LMS  algorithm  given  in  Equation  l,19 

hj(n  +  1)  =  hl(n)  +  2n  err(n)  \v(n-  i) .  (1) 

All  hot-mic  measurements  were  made  using  16  filter 
coefficients  and  a  convergence  coefficient,  set  at 
1/50  of  its  maximum  value.  The  maximum 
convergence  coefficient,  //max,  was  determined  from 
the  following  stability  criterion:19 


Mmax  < 


1 

N  •  E{w:  (n)}  ’ 


(2) 


where  N  is  the  number  of  filter  coefficients  and  E{  }  is 
the  expectation  operator.  The  number  of  filter 
coefficients  and  the  value  of  the  convergence 
coefficient  were  determined  in  prior  work15,18  to 
provide  flow-noise  attenuation  at  frequencies  below 
100  Hz  where  other  methods  are  inadequate. 

For  the  real-time  measurements,  the  signals 
from  the  two  sensors  (hot  wire  and  microphone)  of  the 
hot-mic  probe  were  processed  by  a  DSP  floating-point 
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digital  signal  processing  board  via  two  hieh  speed 
analog  I/O  channels  on  the  board.  The  board  was 
resident  in  a  personal  computer  with  a  90  MHz 
processor.  The  analog  inputs  and  outputs  were  filtered 
with  border  low-pass  filters  with  cut-off  frequencies 
of  612  Hz.  The  hot-mic  algorithm  was  programmed 
onto  the  board  in  C.  A  Windows-based  interface,  also 
programmed  in  C,  was  used  to  set  the  sampline  rate 
(3000  samples/sec)  and  filter  parameters  and  to  control 
the  operation  of  the  hot-mic  algorithm  The  hot-mic 
output  was  then  passed  through  the  analog  output  on 
the  DSP  board  to  a  fast  Fourier  transform  analyzer  for 
spectral  analysis.  Each  spectrum  was  sampled  at  2048 
samples/second  and  averaged  100  times  ~The 
bandwidth  was  2  Hz.  The  bfas  error  from  spectrum  to 
spectrum  is  zero  since  the  sampling  rate  and  bandwidth 
were  not  changed.  The  random  error  estimate  of  10% 
is  also  the  same  for  all  cases.  Both  the  hot-wire  and 
microphone  spectral  data  were  repeatable  to  within  I 
dB  which  is  consistent  with  the  estimated  random  error 
A  block  diagram  of  the  setup  is  shown  in  Figure  4 


Figure  4:  Block  diagram  of  experimental  setup  for 
real-time  hot-mic  operation. 


Results  and  Discussion 
Real-time  Hot-Mic  Results 

Real-time  data  were  obtained  with  the  hot-mic 
at  Locations  2  through  6  in  the  duct  The  speaker  was 
placed  at  Location  I.  Results  from  Locations  2  and  6 
are  emphasized  since  they  represent  the  extremes  of 
flow  and  acoustic  variations  The  results  from 
Locations  3.  4.  and  5  follow  the  trends  established  bv 
the  presented  data. 


Plots  showing  a  comparison  between  the  hot- 
mic  signal  and  the  microphone  signals  for  random 
noise  with  and  without  flow  are  given  in  Figures  5  (a) 
and  (b)  for  duct  locations  2  and  6,  respectively.  Each 
plot  shows  the  autospectrum  of  the  microphone  signal 
measured  in  the  presence  of  both  random  noise  and 
flow,  the  uncontaminated  microphone  autospectrum 
(measured  in  the  presence  of  the  acoustic  random  noise 
only),  and  the  hot-mic  autospectrum. 


Figure  5  (a):  Real-time  hot-mic  and  microphone 
autospectral  densities  at  Location  2,  /j=0.00S. 


Figure  5  (b):  Real-time  hot-mic  and  microphone 
autospectral  densities  at  Location  6.  [1=0.005. 


At  all  locations,  flow-noise  attenuation  is 
achieved  and  is  generally  confined  to  frequencies 
below  100  Hz  The  difference  in  the  two  cases 
presented  here  (Location  2  and  Location  6)  is  that  the 
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The  objective  of  this  research  was  to  develop  a 
sensor  that  minimizes  the  turbulence-induced  flow 
noise,  the  main  contributor  to  the  measurement  noise  of 
the  ANC  system  described  above.  It  is  known  from  the 
previous  section  that  flow  noise  attenuation  is  possible 
with  the  hot-mic,  especially  at  frequencies  below  100 
Hz.  If  the  coherence  between  two  hot-mics  is  measured 
and  compared  to  the  coherence  measured  between  two 
microphones  under  the  same  flow  and  acoustic 
conditions,  it  is  expected  that  the  hot-mic  coherence 
will  be  higher. 

The  coherence  measurements  between  the  two 
hot-mics  and  between  the  two  microphones  of  the  hot- 
mics  were  performed  in  succession  under  identical  flow 
conditions.  For  these  tests,  the  1/32  in.  pinhole 
microphone  was  used  for  the  upstream  measurements 
and  the  1/16  in.  pinhole  microphone  was  used  for  the 
downstream  measurements.  (It  was  necessary  to  use 
the  two  different  pinhole  sizes  because  they  were  the 
two  nosecones  available  for  this  research.)  Flow-noise 
attenuation  with  the  larger  diameter  hot-mic  is  slightly 
less  than  that  possible  with  the  smaller  diameter  hot- 
mic  due  to  the  increased  microphone  sensing  area. 
However,  a  5-10  dB  reduction  in  flow  noise  at  low 
frequencies  is  achievable  with  the  larger  hot-mic.1* 
Therefore  the  coherence  tests  still  provide  a  good 
measure  of  whether  the  hot-mic  sensor  gives  a  better 
signal  than  a  microphone  for  active  noise  control  in  a 
flow. 

A  comparison  of  the  microphone'microphone 
coherence  and  the  hot-mic/hot-mic  coherence  measured 
in  flow  and  with  acoustic  random  noise  is  shown  in 
Figure  7.  The  sensors  were  positioned  at  Location  2 
(x'L  =  0.26)  and  Location  4  (x.L  =  0.57).  (The 
separation  distance  between  them  is  Ax/L  =  0.31.)  It 
can  be  seen  that  the  coherence  between  the  two  hot- 
mics  is  higher  than  the  coherence  between  the  two 
microphones.  In  addition,  the  increase  in  coherence 
occurs  over  the  entire  frequency  range.  This  result  was 
not  clearly  predicted  by  the  spectral  comparisons.  As 
expected,  the  greatest  increase  in  coherence  occurs  at  f 
<  100  Hz  since  it  is  this  region  that  contains  the  most 
flow-noise  contamination  and  it  is  in  this  region  where 
most  of  the  flow-noise  attenuation  occurs.  ~  Note  that 
there  is  no  appreciable  change  in  coherence  function 
values  for/<  20  Hz.  Figure  5(b)  shows  hot-mic  flow- 
noise  attenuation  of  20  dB  for  /  <  20  Hz.  but  the 
spectral  levels  are  still  10  dB  above  the  uncontaminated 
microphone  signal.  For  this  reason,  no  increase  in 
coherence  is  seen  with  the  hot-mics  for /<  20  Hz. 


Figure  7:  Coherence  between  sensors  at  Locations  2 
and  4,  respectively,  in  flow  +  random  acoustic  noise. 


A  similar  comparison  is  shown  in  Figure  8  for 
the  sensors  positioned  at  Locations  2  and  6  (Ax/L  - 
0.62),  and  Figure  9  for  the  sensors  positioned  at 
Locations  3  and  4  (Ax/L  =  0.15).  As  in  the  case  for 
Ax/L  =  0.31,  an  increase  in  coherence  with  the  hot-mics 
occurs  over  nearly  the  entire  frequency  range  Note 
that,  even  though  the  upstream  sensors  are  in  the 
presence  of  evanescent  waves  (recall  Figure  2)  and 
higher  turbulence  intensities,  the  increase  in  coherence 
with  the  hot-mics  is  as  good  if  not  better  than  at  the 
other  locations.  Since  the  hot-wire  is  not  adversely 
affected  by  higher-order  duct  modes  or  evanescent 
waves,  it  appears  that  these  disturbances  serve  only  to 
limit  the  upper  bound  of  the  hot-mic/hot-mic 
coherence.1* 


Figure  8:  Coherence  between  sensors  at  Locations  2 
and  6,  respectively,  in  flow  +  random  acoustic  noise. 
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spectral  content  differs  at  each  duct  location  as  a  result 
of  standing  and  evanescent  waves.  In  addition,  the 
flow  noise  is  greater  at  Location  2  (close  to  the  blower) 
due  to  higher  turbulence  levels.  The  acoustic  signal-to- 
flow  noise  ratio  is  less  at  Location  2  fS'/V?  =  0.9)  than 
at  Location  6  (S/N$  ~  1).  Identical  scales  in  each  plot 
of  Figure  5  allow  the  increase  in  flow  noise  at  low- 
frequency  perceived  by  the  microphone  with  upstream 
location  to  be  seen.  There  is  no  undesired  acoustic 
noise  attenuation  at  any  location 

These  results  are  in  agreement  with  post- 
processed  time-series  data  obtained  5 11  They  verify 
that  real-time  flow  noise  attenuation  can  be  achieved 
using  a  hot-mic. 


Hot-Mic  vs.  Microphone  Coherence  Results 


function  between  sensing  microphone  signal,  sft),  and 
an  error  signal,  eft),  is  defined  as:o 


rlff)  = 


GJft'Gjf)  ’ 


o  *  ri(f)*  /.  (3) 


where  Gse(f)  is  the  cross-spectral  density  function 
between  s(t)  and  eft)  and  Gss(f)  and  Gee(f)  are  the 
autospectral  density  functions  of  sfn  and  eft), 
respectively.  Assume  that  the  sensing  and  enor  signals 
are  correlated  and  that  eft)  is  a  linear  combination  of 
x ft)  and  an  extraneous,  unconelated  noise,  nft).  Here, 
xft )  represents  the  error  signal  that  might  be  ideally 
predicted  from  the  sensing  microphone  signal  in  the 
absence  of  any  noise. 

The  error  signal  may  be  expressed  as 


To  determine  if  the  hot-mic  would  provide  a 
good  measurement  of  the  acoustic  pressure  signal  for 
use  in  an  ANC  application,  we  consider  an  active  noise 
control  system  for  the  minimization  of  plane  acoustic 
waves  in  a  duct  as  shown  in  Figure  6  In  this  simple 
system,  the  sensing  microphone  measures  the  unwanted 
sound,  sends  the  signal  through  the  filter  which  adjusts 
the  signal  and  sends  it  to  the  speaker  for  noise 
cancellation.  The  error  microphone  measures  anv 
residual  noise.  This  signal  is  used  to  adjust  the 
controller  filter  coefficients  so  that  the  error  is 
minimized,  for  example,  using  an  LMS  algorithm 


eft)  =  xt  t  )±  nft )  ,  (4) 

so  that  its  autospectrum  is 


(5) 

where 

G„(f)  =  \H(f)\2Gjf)  . 

(6) 

and 

Gjf) 

(7) 

Duct  Wan  — 

Acoustic 

Noise 

- ► 

F'ow 

Sensing  Error 

Microphone  Microphone  j 

3 - 

_ £ 

Controller  J 

speaker 

z 


Figure  6:  Schematic  of  adaptive  ANC  system  for  the 
minimization  of  plane  acoustic  waves  in  a  duct. 

By  measuring  the  coherence  between  the 
sensing  and  error  microphones  in  the  duct  without 
control,  the  maximum  effectiveness  of  a  control  svstem 
can  be  estimated.  Recall  that  the  ordinary  coherence 


The  coherent  output  power  spectrum  is  the 
acoustic  spectrum  at  the  sensing  microphone  as 
measured  by  the  error  microphone  with  the  linear 
correlated  effects  due  to  rut y  removed.  It  is  given  by: 

Gv(f>-  ) .  (8) 

It  follows  that 

Gnn(/)  =  [l-rl)G„  ,  (9) 

which  suggests  that  the  coherence  function  may  be  used 
to  predict  the  effectiveness  of  the  ANC  system.  For 
example,  if  the  coherence  between  the  two  signals  is 
0.9.  then  a  10  dB  noise  reduction  is  possible  with  a 
perfect  control  system.  Factors  which  contribute  to  a 
decrease  in  the  coherence  between  two  signals  includes 
non-linearities  in  the  system,  measurement  noise,  and. 
in  a  duct,  the  presence  of  evanescent  modes/0  :i 
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Figure  10:  Coherence  between  sensors  at  Locations 
Figure  9:  Coherence  between  sensors  at  Locations  3  3  ind  4  respectively,  in  flow  +  250  Hz  acoustic  tone, 

and  4,  respectively,  in  flow  +  random  acoustic  noise. 


Increases  in  coherence  using  hot-mics 
compared  to  coherence  using  microphones  only  were 
also  seen  with  250  Hz  acoustic  tone  cases  A  plot 
showing  this  behavior  is  given  in  Figure  10  for  the 
sensors  placed  at  Locations  2  and  4  <  __lr  Z.  =  0  31). 
Here,  the  hot-mic  coherence  is  higher  than  the 
microphone  coherence  at  frequencies  below'  200  Hz. 
At  frequencies  greater  than  250  Hz.  there  is  no 
difference  between  the  two  types  of  sensors. 

Since  the  250  Hz  tone  is.  theoretically,  the 
only  acoustic  disturbance  introduced  to  the  duct  (with 
the  exception  of  the  motor  noise),  it  is  important  to 
describe  the  high  coherence  seen  at  low  frequencies  in 
Figure  10.  Standing  waves  are  present  in  the  duct  due 
to  the  open  end  termination.  The  first  four  modal 
frequencies  of  the  standing  waves  are  43.  86.  129.  and 
172  Hz.iS  These  modes  are  excited  by  the  broadband 
motor  blower  noise  of  the  facility  and  it  can  be  seen  in 
Figure  10  (as  well  as  in  most  other  figures)  that  the 
microphone  and  the  hot-mic  signals  are  coherent  at 
these  frequencies.  Coherence  between  the  hot-mics  is 
greater  at  these  frequencies  than  it  is  for  the 
microphones.  Therefore,  the  hot-mics.  in  reducing  the 
flow-induced  noise,  allow  the  acoustic  characteristics  of 
the  blower  and  duct,  as  well  as  those  generated  by  the 
speaker,  to  be  unmasked. 


Conclusions 

The  results  obtained  in  this  work  demonstrate 
that  real-time  attenuation  of  pseudo-noise  contained  in 
a  microphone  signal  is  possible  using  a  hot-mic.  The 
combination  of  the  uncalibrated  hot-wire  signal  with 
the  microphone  signal  using  an  LMS  algorithm  reduced 
the  pseudo  noise  in  the  microphone  signal  by 
approximately  10  dB  at  frequencies  below  100  Hz. 
Flow  noise  attenuation  was  also  achieved  at  higher 
frequencies.  In  all  cases,  the  pseudo  noise  reduction 
was  achieved  without  loss  of  the  acoustic  pressure 
signal. 

In  comparing  the  hot-mic  response  with 
microphone  response  under  the  same  conditions,  it  was 
found  that  the  measured  coherence  function  between 
two  hot-mics  was  significantly  greater  than  the 
measured  coherence  between  two  identically  placed 
microphones  in  the  duct  with  flow.  Higher  coherence 
between  the  hot-mics  occurred  over  the  entire 
frequency  range  It  was  also  found  that  the  hot-mics,  in 
reducing  the  flow-induced  noise,  allow  the  acoustic 
characteristics  of  the  blower  and  duct,  as  well  as  those 
generated  by  the  speaker,  to  be  unmasked.  The  results 
demonstrated  here  suggest  that  the  hot-mics  would 
provide  better  reference  and  error  signals  for  an  ANC 
system  which  requires  acoustic  pressure  sensing  in  the 
presence  of  flow'. 
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Designing  a  Virtual  Sound-Level  Meter  in  LabVIEW 


by  Dean  E.  Capone.  Research  Assistant,  and 
Gerald  C.  Lauchle.  Professor  of  Acoustics, 
Penn  State  University,  Graduate  Program  in 
Acoustics  and  Applied  Research  Laboratory. 

The  Challenge:  Creating  a 
virtual  sound-level  meter  for 
distribution  with  an  accredited 
CD-ROM-based  education  course 
in  acoustics. 

The  Solution:  Using  flexible 
signal  generation  and  processing 
tools  in  LabVIEW  to  create  an 
interactive  virtual  instrument  with 
all  the  functionality  of  a  commercial 
sound-level  meter. 

Background 

A  program  funded  by  the  Alfred  P. 
Sloan  Foundation  began  in  December 
1995  as  a  joint  effort  among  the 
Pennsylvania  State  University’s 
Graduate  Program  in  Acoustics,  the 
Center  for  Academic  Computing,  and 
the  Office  of  Continuing  &  Distance 
Education  to  develop  a  cohort-based 
asynchronous  Certificate  Program  in 
Acoustics.  One  goal  of  this  project  was 
to  create  a  model  for  engaging  distant 
students  in  a  multi-course  learning 
community'.  Another  goal  was  to  test 
the  model  through  an  Acoustics 


We  selected  L .?  b  \  'IEWfor  our 
examples  because  of  its  readily  available 
signal  generation  and  processing  tools, 
its  easy-to-create  simulated 
virtual  instruments ,  and  its  ease 
o  f  use  for  the  novice  operators. 

Certificate  Program  in  Noise  Control 
Engineering  delivered  nationally  using 
CD-ROM,  Netscape  Navigator™,  and 
First  Class1  technologies. 

Seven  faculty  members  are 
assembling  materials  and  lectures  for 
this  course,  to  provide  participating 
students  with  enough  information 
to  confidently  take  and  pass  a 
professional  exam  in  noise  control 


engineering,  such  as  that  offered  by 
the  Institute  of  Noise  Control 
Engineering.  We  designed  the  lectures 
to  cover  basic  and  advanced  acoustics 
as  well  as  acoustical  data  collection 
and  processing,  in  addition  to 
specific  application  areas  such  as 
modal  analysis,  structural  acoustics, 
flow-generated  noise,  room  acoustics, 
and  statistical  energy'  methods.  We 
are  assembling  and  distributing  via 
CD-ROM,  hands-on  examples  using 
LabVIEW  and  NLATLAB'  to  illustrate 
the  concepts  presented. 

To  augment  many  of  the  course 
lectures,  we  designined  a  series 
of  virtual  instruments  so  students 
would  have  ah  opportunity'  to  obtain 
hands-on  experience  with  ty'pical 
instrumentation  used  professionally 
in  noise  control  engineering.  We 
chose  LabVIEW  for  our  examples 
because  of  its  readily  available  signal 
generation  and  processing  tools, 
its  easv-to-create  simulated 
virtual  instruments,  and  its  ease 
of  use  for  novice  operators.  We 
are  now  designing  specific 
instruments  for  each  phase  of 
the  instructional  process. 


Virtual  Sound-Level  Meter 

Unit  4  of  the  first  course  (there  are  a 
total  of  five  courses)  introduces  the 
basic  principles  of  performing  sound 
and  vibration  measurements.  As  part 
of  this  unit,  we  designed  a  virtual 
sound-level  meter  to  illustrate  the 
concepts  of  basic  noise  measurements 
and  the  use  of  these  measurements  in 
computing  quantities  such  as  noise 
reduction  or  insertion  loss.  The 
primarv  function  of  a  sound-level 
meter  is  to  condition  and  measure  an 
incoming  acoustic  signal  in  accordance 
with  standards  defined  in  the  ANSI 
specification,  then  to  display  the 
measured  sound  pressure  level  (SPL). 
The  starting  point  for  the  meter  design 
was  ANSI  standards  SI. 4,  Specification 
for  Sound-Level  Meters,  and  SI.  11, 
Specification  for  Octave-Band  and 
Fractional-Octave- Band  Analog  and 
Digital  Filters.  Although  we  designed 
the  sound-level  meter  around 
the  appropriate  ANSI  Standards,  our 
primary  design  goal  was  to  use  the 
virtual  instruments!  VI)  as  an 
interactive  learning  tool. 

We  began  our  design  efforts  by 
focusing  on  the  noise  control  concepts 


USER  SOLUTIONS 


Professor  Gerald  Lauchle  and  Dean  Capone  evaluate  their  LabVIEU'  virtual  sound-level  meter. 


we  wanted  to  illustrate  with  the  virtual 
sound-level  meter.  Originally,  we 
planned  to  import  data  files  of  various 
noise  sources,  such  as  those  arising 
from  traffic,  factory  machinery,  or 
aircraft.  Then  the  student  could 
perform  analysis  on  these  recorded 
sounds  using  the  sound-level  meter. 
After  further  studv  of  the  signal 
generation  toois  provided  with 
Lab  VIEW,  we  decided  that  it  could 
easily  generate  the  time-series  data. 
The  instructor  could  direct  the 
student-user  to  specify  the  frequency 
and  magnitude  of  a  number  of 
deterministic  signals,  such  as 
sine  waves,  square  waves,  and 
sawtooth  waves  that  are  combined 
linearly  with  uniformly  or  Gaussian 
distributed  random  noise  of  a 
user-selected  magnitude.  Because  the 
resultant  raw  time  series  is  displayed 
on  the  front  panel  of  the  VI,  students 
could  visualize  the  signal  created. 

The  signal  conditioning  consists  of 
microphone  frequency  weighting  as  to 
produce  A,  B.  or  C  frequency-weighted 
sound-levels.  Of  course,  no  weighting 
(called  linear  is  also  an  option.  You 
can  also  pass  these  weighted  signals 
through  individual  one-third  octave 


filters  with  center  frequencies 
covering  the  entire  audible  range. 

You  determine  the  time  averaging 
characteristics  of  the  frequency- 
weighted  signal  of  the  sound-level 
meter  by  one  of  three  settings  -  fast, 
slow,  or  impulse.  You  can  also  use  the 
meter  to  capture  the  mean-square 
pressure  magnitude  level  ior 
equivalent  sound-level,  or  Leq),  the 
peak  level,  or  the  minimum  level. 

All  of  these  features  are  implemented 
in  the  virtual  sound-level  meter.  The 
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Usz/iy  the  modular  programming 
inherent  in  Lab\7E'A\  we  can  easily 
modify  the  sound-level  merer  to  accept 
input  data  from  other  sources . 

student  can  apply  various  weightings 
and  one-third  octave  filters  and 
observe  the  effects  in  two  wavs. 

First,  the  conditioned  time  series  is 
displayed  below  the  original  time 
series  to  illustrate  the  effect  in  the  time 
domain.  Second,  as  the  cursor  tracks 
across  the  conditioned  time  series, 
the  student  can  observe  the  real-time 
SPL  on  both  analog  and  digital 
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^  The  Software  is  the  Instrument " 


meters.  Once  the  scan  is  completed,  at 
the  users  discretion,  you  can  display 
the  one-third  octave  level  as  a  function 
of  frequency'.  You  can  also  store  these 
calculated  values  as  a  two  column 
ASCII  file,  frequency  versus  level, 
for  comparison  to  later  results. 
Similarly,  students  can  easily  observe 
the  effects  of  meter  response  time  on 
the  results  for  signals  of  various 
characters  by  repeating  the  analysis 
with  a  different  meter  response, 
for  example,  fast  versus  slow. 

Conclusions 

Using  the  analysis  tools  available  in 
Lab  VIEW,  we  have  constructed  a 
software-only  virtual  sound-level 
meter  to  illustrate  some  of  the  basic 
measurements  used  in  noise  control 
engineering.  With  this  virtual 
instrument,  students  can  perform 
subjective,  visual  comparison  of 
various  data  types,  while  displaying 
objective,  calculated  quantities,  such 
as  filtered  and/or  weighted  sound 
pressure  levels.  This  VI  has  all  of 
the  same  features  as  real  instruments 
produced  commercially.  With  the 
LabMEW  signal-generation  tools, 
students  can  easily  generate  and 
analyze  repeatable  time-series  data. 
Using  the  modular  programming 
inherent  in  Lab  VIEW,  we  can  easily 
modify  the  sound-level  meter  to 
accept  input  data  from  other  sources. 
Future  projects  may  involve  reading 
previously  recorded  data  from  an 
existing  file  or  using  an  A/D  board 
inside  of  the  computer  to  perform 
real-time  sound-level  measurements. 
With  these  options,  students  can 
analyze  acoustic  signals,  whatever 
their  field  of  interest. 

For  more  information,  contact  Gerald  Lauchle 
or  Dean  Capone  at  Penn  State  University 
Applied  Research  Lab,  P.O.Box  30,  State 
College.  PA  16804,  tel  (814)  863-9893 
(Capone),  tel  (814)  863-7145  (Lauchle), 
fax  (814)  865-3287  (either), 
e-mail  decGwt.arl.psu.edu  (Capone). 
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